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ABSTRACT 

Natural gas pipelines and liquefied natural gas (LNG) storage tank are important 

components in energy sector. The investment and construction of gas pipelines and LNG 

storage tanks are developing rapidly. Understanding their response to the service and 

accidental loading condition is critical to the energy safety.  

Pipelines convey a wide range of liquid and gas over long distances, essential for urban 

functionality. Shallow-buried pipelines, due to their accessibility, are vulnerable to 

accidental or intentional damage. In Australia, AS/NZS 2885 provides regulations to 

prevent damage to the pipelines by external interference, but these regulations are vague 

and there is a limit study in relation to the performance of pipelines against surface 

explosion and accidental excavator impact. 

Meanwhile, the inner structure of All Concrete LNG (ACLNG) storage tanks is in direct 

contact with LNG (at approximately -161.5 °C). Meanwhile, during the operation, the 

inner tank materials may also suffer from cryogenic freeze-thaw (FT) cycle attacks. As a 

storing system, ACLNG tanks potentially face threats of vehicle impact and/or terrorist 

attacks.  

This research focuses on the safety of energy infrastructure including the gas pipeline and 

ACLNG storage tank. The dynamic behaviour of concrete with respect to compression 

and splitting tension at cryogenic temperature and after FT cycles is investigated. To 

improve the impact/blast resistant capabilities of ACLNG storage tank, a comprehensive 

experimental and numerical investigation was conducted on emerging high performance 

concrete material, i.e., cement-based ultra-high performance concrete (CUHPC) and 

sustainable material geopolymer ultra-high performance concrete (GUHPC). The 

research covered detailed dynamic mechanical characterisation of these advanced 
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cementitious materials, followed by implementation in numerical models simulating 

structural responses of ACLNG storage tank under extreme loading conditions. 

This study adopts advanced fully coupled numerical modelling approaches such as FSI 

(fluid-structure interaction coupling) and ALE (arbitrary Lagrangian-Eulerian) in 

commercial software LS-DYNA to analyse buried pipeline responses to blast loading. It 

examines key factors such as soil type, burial depth, pipe thickness, diameter, charge 

weight, explosive offset, detonation height, steel grade and internal pressure. The 

simulation results serve as theoretical foundation for gas pipelines safety assessment and 

maintenance.  

Furthermore, the findings of this study provide new information for the dynamic 

behaviour of conventional and high performance concrete material (CUHPC and 

GUHPC) at cryogenic temperature and after FT cycles as well as energy infrastructure 

(ACLNG and gas pipeline) response under blast and impact loads, and will promote their 

application in civil engineering projects going forwards.
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Chapter 1. INTRODUCTION 

1.1 Background 

The global energy landscape continues to evolve, with natural gas playing a critical role 

in the transition towards lower-carbon energy sources. As the world seeks to balance 

energy security, economic feasibility, and environmental sustainability, the critical 

infrastructure supporting natural gas transportation such as pipelines as well as storage 

systems such as liquified natural gas (LNG) storage tank or all concrete LNG (ACLNG) 

storage tank becomes increasingly important. However, these infrastructure components 

face significant challenges when exposed to extreme operational conditions, particularly 

cryogenic temperatures and accidental dynamic loads. 

Pipelines have become widely used in the world to transport petroleum, natural gas, 

ammonia, alcohol fuels and water. Pipeline system plays a significant part in urban energy 

distribution. However, the frequent occurrence of pipeline explosion accidents in recent 

years emphasises the importance in protecting the pipeline system. Australia's natural gas 

transmission pipeline has a good safety record. More than 39,000 km of natural gas 

transmission pipelines are employed to transport energy to suburbs of each city in 

Australia. Australia's pipeline history (i.e., water transmission pipeline) can be traced 

back to the late 19th century. The Roma to Brisbane pipeline operated in 1969 is one of 

the oldest gas pipelines in Australia based on Australian Pipelines and Gas Association 

[1]. Appendix A lists the relevant Australian standards regarding pipelines. 

Meanwhile, LNG storage tanks play a crucial role in energy infrastructure by providing 

secure, long-term storage of LNG at cryogenic temperatures, which minimises 

environmental hazards and ensures the operational stability of energy supply chains. 

Compared to traditional LNG storage tanks, ACLNG tanks avoid the need for expensive 
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materials like 9% nickel steel. This reduces costs, shortens construction time, and allows 

for local material sourcing. Cryogenic temperatures present unique and complex 

challenges for concrete materials and hence pose challenges on the structural safety. 

ACLNG storage systems must operate safely under temperatures as low as -162 °C [2]. 

At these extreme temperatures, traditional material behaviour fundamentally changes, 

potentially compromising structural reliability and safety. 

1.1.1 Natural gas transportation and storage system 

As a long-distance transportation tool, pipeline can transport a large number of liquid and 

gas materials to supply the normal operation of the city. As stated by pipeline and 

hazardous materials safety administration (PHMSA) [3], pipeline system can be divided 

into four parts: 

• Natural gas transmission and gathering: Gathering system generally refers to the 

transmission of nearby original or natural gas to the treatment plant through 

pipeline, which is usually relatively short to reduce the transmission cost. The 

transmission pipeline refers to the long-distance transportation of processed or 

stored natural gas throughout the country. According to Australian energy 

regulator [4], pipeline transmission network has interconnected New South Wales 

(NSW), Victoria (Vic), Queensland (QLD), South Australia (SA), Tasmania 

(TAS) and ACT. According to AS/NZ 5601 Gas installation [5], the gas 

installation system operating should be above 1050 kPa to connect with gas 

transmission network. 

• Natural gas distribution: The ultimate purpose of pipeline distribution is to 

transport natural gas to industrial users through pipeline transmission. The 

distribution network is generally composed of high, medium and low-pressure 
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pipelines. Generally speaking, the supply and demand in densely populated areas 

are greater, and the pipeline operation at medium and high pressure. 

• Hazardous Liquid and Carbon Dioxide: Hazardous liquid includes 

petroleum/refined products and crude oil, while carbon dioxide includes CO2 or 

other and fuel grade ethanol. 

• LNG: The main component of liquefied natural gas is methane (CH4), and its 

physical properties are colourless, odourless and non-toxic. It is to compress and 

cool the natural gas to the freezing point to liquefy it and then transport it through 

the pipeline. 

1.1.2 Types of pipelines 

There are various materials for pipes, which are mainly divided into three categories: 

plastic pipelines, metallic pipelines and concrete pipelines. So far, most of the gas 

pipelines are made of plastic and metallic, while concrete pipelines are usually used for 

sewage discharge or irrigation. Further information regarding concrete pipelines can be 

found in AS/NZS 4058 Precast concrete pipes (pressure and non-pressure)[6] and 

AS/NZS 3725:2007 Design for installation of buried concrete pipes [7]. There are many 

types of metal pipes. Aluminium alloy, copper, and steel are the most frequently used 

metals for pipelines. Aluminium alloy pipelines are often used to transport inert gas. 

According to Smith et al. [8], pure copper pipelines are not affected by hydrogen 

embrittlement and it can be used in hydrogen containing environment while copper alloy 

containing oxide is easy to be brittle. 

Steels used for pipelines are classified under the Standard American Petroleum Institute 

(API) 5L [8]. There are two manufacture product levels for standard API 5L to produce 

seamless and welded steel pipe, including Product Specifications Level 1 (PSL1) and 

Product Specifications Levels (PSL2), where PSL1 stands for the standard quality of 
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pipeline and PSL2 requires tighter control over the chemical composition of the steel, 

ensuring improved weldability, toughness, and strength. In general, pipelines that 

manufacture under API 5L are used to convey oil, natural gas and water. According to 

the steel grade classification criteria in API [9], the alphabet before the two digital number 

stands for the condition of manufacturing and chemical and physical properties, while the 

two digital number means the minimum yield strength of that pipeline in 000’s psi to this 

grade. For instance, X80 steel means the minimum yield strength is 80,000 psi which is 

approximately 551.58 MPa under “X” delivery condition. 

The use of steel pipes can be traced back to the early 19th century. At first, continuously 

welded steel pipes were used to transport gas in London. There are many types of steel 

pipes, such as X42, X46, X52, X56, X60, X65, X70 etc. With the manufacturing of X70 

steel in the 1970s, a significant advancement was achieved in the development of pipeline 

steel, transitioning from traditional heat treatment methods to thermomechanical 

processing techniques. [10]. With the continuous development of industry, the emergence 

of steel X80 gradually improves the strength by accelerating cooling after controlled 

rolling [11]. The development of X100, X120 and other ultra-high strength pipes also 

provides the pipeline with the potential ability to transport oil and natural gas at high 

pressure and long distance. 

1.1.3 Depth of buried pipelines 

In accordance with AS/NZA 2566.2: 2002 Buried flexible pipelines Part 2: installation, 

'AS/NZS 5601.1:2013 gas installation’ [5], AS/NZS 4645.2:2018 Gas distribution 

networks Part 2: Steel Pipe systems [12], the minimum depth of cover shows Appendix 

B, where H (mm) is the vertical distance between the upper surface of pipelines and the 

finished surface, MAOP stands for Maximum Allowable Operation Pressure and DN 

(mm) is nominal pipeline diameter. In terms of the maximum depth of cover, AS/NZS 
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4645.2:2018 [12] states that it should not exceed 1500 mm in order to access in 

emergency situation. ATCO [13] reports that the depth of cover for high pressure (HP) 

gas pipeline should not exceed 1800 mm without special approval, where HP is from 500 

kPa to 6900 kPa. In general, the depth of burial pipeline cover ranges from 300 mm to 

1800 mm in Australia. More information can be seen in Appendix B. 

1.1.4 ACLNG storage tank 

The evolution of LNG storage tank technology has seen significant advancements over 

the years, particularly with the transition from traditional LNG tanks constructed with 9% 

nickel steel to innovative ACLNG storage tanks. Traditional LNG storage tanks are 

characterised by their dual-containment design, where the inner tank, made of 9% nickel 

steel, stores the liquefied gas at cryogenic temperatures, typically around -162 °C. The 

outer tank, often made of reinforced concrete, provides secondary containment and 

structural support. 

The use of 9% nickel steel in traditional tanks has been a standard in the industry due to 

its excellent mechanical properties at cryogenic temperatures, including high toughness 

and resistance to brittle fracture. However, these tanks come with challenges, such as the 

high cost of nickel steel, the complexity of fabrication, and the potential for thermal 

expansion mismatches between the inner and outer tanks. 

In contrast, ACLNG tanks employ prestressed concrete for both the inner and outer 

containment (see Figure 1.1). This design reduces the reliance on 9% nickel steel and 

concrete materials are more readily available and less expensive [14]. Additionally, the 

parallel construction processes for ACLNG storage tank allow for multiple tasks to be 

carried out simultaneously, significantly shortening the construction period and thereby 
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reducing costs associated with extended timelines. Utilising ACLNG storage tanks can 

achieve at least a 20% reduction in construction costs (see Figure 1.2).  

One of the critical challenges for ACLNG tanks is the impact of cryogenic temperatures 

on concrete. The inner tank, in direct contact with LNG, is subjected to extreme thermal 

stresses and material contraction, which can lead to microcracking and increased 

brittleness. Moreover, the tank must endure cryogenic freeze-thaw (FT) cycles that occur 

during filling and emptying operations. These cycles cause repeated expansion and 

contraction within the concrete matrix, potentially leading to cumulative damage over 

time. 

Despite these challenges, advancements in concrete technology, such as the development 

of cement based ultra-high-performance concrete (CUHPC) or geopolymer ultra-high 

performance concrete (GUHPC), have significantly improved resistance to cryogenic 

effects and FT cycles. Compared to traditional LNG tanks with 9% nickel steel, ACLNG 

tanks offer reduced material costs, enhanced durability, and improved environmental 

sustainability. This study focuses on the effects of cryogenic temperatures and FT cycles 

on the different types of materials subjected to impact or blast loadings. 



 
 

7 
 

(a)  (b)  

Figure 1.1 Details of ACLNG storage tank [15]. 

 

Figure 1.2 Details of ACLNG storage tank [16]. 

1.2 Potential threats 

1.2.1 Terrorist attacks and Pipeline incidents  

Pipeline explosion accidents have increased year by year. These incidents are divided into 

intentional acts and pipeline accidents, while intentional acts include cyber-attacks, 

sabotage, and terrorism as well as vandalism [17]. Global Terrorism Database (GTD) 

from University of Maryland [18] reports a large number of terrorist attacks with respect 

with pipelines around the world.  According to RAND [19], Database of Worldwide 
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Terrorism Incidents from 1968 to 2009 shows the increasing trend of terrorist damage to 

pipelines all over the world, especially after 2002, and  the sabotage of pipelines with 

large car bombs occurred in countries such as Iraq, Colombia and Pakistan. In August 

2020, the explosion of a major gas pipeline crossing the Middle East, located between the 

towns of Ad Dumayr and Adra in the northwest of the Syrian capital Damascus, was 

caused by terrorist attacks. The pipeline explosion led to blackout in Syria [20]. 

A Vehicle Borne Improvised Explosive Device (VBIED) transported by a car or hidden 

in a car. It is a widely used terrorist strategy as a terrorist weapon to destroy built facilities 

in accordance with Australia-New Zealand Counter-Terrorism Committee (ANZCTC) 

[21]. However, ANZCTC [21] also points out that the amount of explosives used in small 

vehicles such as motorcycles may be similar to that of Person Borne Improvised 

Explosive Device (PBIED) which is an improvised explosive device that a person wears, 

carries, or deploys. The TNT mass in various vehicles is shown in Appendix C.  

In recent years, natural gas pipeline transportation accidents occur frequently. It is vital 

to establish a safer natural gas pipeline transportation system to protect pipelines from 

accidents. According to Biezma et al. [11], the pipeline accident causes over 4,000 

fatalities in history. The occurrence of pipeline accidents is often accompanied by the 

release of huge energy. For example, in the pipeline leakage accident in Ufa, Russia in 

1989, the pipeline explosion caused by the spark generated by the train engine was 

equivalent to the explosion of 300 tons of TNT. Pipeline and hazardous materials safety 

administration (PHMSA) [3] summarises pipeline failure caused by corrosion (external 

corrosion, internal corrosion, stress corrosion cracking and selective seam corrosion), 

heavy equipment performing excavation damage, natural force damage such as 

earthquake, heavy rain, tornadoes etc., other outside force damage like sabotage or 

terrorism, and material/weld/equipment failure as well as incorrect operation. Figure 1.3 
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shows the oil and gas pipeline incident distribution from 2001 to 2020. It is evident that 

material/weld/equip failure, corrosion and excavation damage have become the main 

causes of the pipeline accidents, accounting for 30%, 20% and 17%, respectively. In 

accordance with European Gas pipeline Incident data Group [22], external intervention 

was to blame for roughly 28.4% of gas pipeline incidents in European.  Zhu et al. [23] 

pointed out that gas pipeline may damage by terrorist attack, while some of the accidents 

may be caused by gas leakage, corrosions etc. 

Due to the continuous growth of the world population, the consumption of oil and natural 

gas is increasing high. In order to improve the supply and transportation capacity, the 

natural gas industry increases the operating pressure or installs more pipelines, where 

most of the high-pressure operating is between 5 and 7 MPa [24]. 

 

Figure 1.3 Oil and gas pipeline incident percentage from 2001 to 2020 [3]. 

Pipeline accidents have occurred frequently all over the world in the past two decades. 

Owing to the wide range of impact, pipeline incidents have brought huge casualties and 

economic losses to countries or regions. Here are some serious accidents that have 

occurred in recent years. 
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Australia: 

Western Australia gas crisis is the most serious natural gas pipeline explosion in 

Australia. On the afternoon of June 3, 2008, a 12 in (30.48 cm) high-pressure pipeline 

burst and caused an explosion, followed by a series of explosions and fires in the adjacent 

pipelines (see Figure 1.4). The accident originated from an 8 m * 30 m crater with depth 

2 m. The accident site was located on Varanus Island, 100 km west of Karratha. 

Fortunately, there is no injury or fatality. National Offshore Petroleum Safety Authority 

[25] investigated the pipeline accident which was attributed to the corrosion of the wall 

of a pipeline, from 11 mm thick to only 1.5 mm thick. This was caused by inadequate 

pipeline corrosion detection. The accident led to an economic loss of about AU $3 billion 

in Western Australia, and 30% of the natural gas supply is lost for two months (350 

TJ/day) [26]. 

 

Figure 1.4 Western Australia gas crisis [27]. 

China: 

On 4th July 2017, a severe gas pipeline explosion occurred in Songyuan City, Jilin 

Province, leading to 7 deaths and 85 injuries. The cause of this accident was the road 

reconstruction, the rotary jet grouting pile machine drilled through the burial gas pipeline 

in the road section (leakage diameter is about 0.06 m), resulting in the cumulative gas 

leakage reaching the explosion limit. The accident led to the collapse of nearby houses, 
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the doors and windows on the first and second floors of some houses almost blew up, and 

the doors and windows on the third and fourth floors burst. The polyethylene (PE) pipe 

had a diameter of 110 mm, a buried depth of 3.9 m and an operating pressure of 0.3 MPa. 

In general, external damage of pipelines continues to increase, regardless of terrorist 

attacks or the damage caused by impact loads during construction. However, the pipeline 

is a critical factor affecting the national or regional energy transportation. Once the gas 

pipeline explodes, it will not only have a great impact on the surrounding areas, but also 

result in casualties and huge economic losses. Moreover, when the pipeline is corroded, 

the performance of the pipeline will be greatly reduced, and the gas pipeline will be more 

easily damaged under the impact load. In addition, according to the data analysis of 

PHMSA and EGIG, the pipeline is mostly damaged by a third party. Therefore, it is urgent 

to understand the vulnerability of the shallow buried pipes and develop the protection 

methods  against external interference. 

United States:  

On 1st August 2019, a gas pipeline explosion took place in Lincoln country, Kentucky, 

causing the death of one woman and hospitalization of five others. The burned area is 

about 30 acre (121,406 m2) and forming a crater of 30 foot (9.144 m) (see Figure 1.5). 

The damaged pipeline had 30 in (76.2 cm) diameter and 0.375 in (0.95 cm) wall thickness, 

and operated under 6.378 MPa pressure [28]. 

Nearly half-a-mile radius residents were evacuated by emergency workers. According to 

AP NEWS [29], during the explosion, the flame reached up to 300 feet (91 m), and the 

accompanying high temperature could melt the tire. Buildings within 500 yards (457 m) 

were damaged and at least five homes were entirely destroyed.   
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Figure 1.5 Burned area and explosion site in Lincoln Country, Kentucky [30]. 

1.2.2 Energy storage tank incidents 

Throughout the history of LNG storage and transport, several notable tank explosions 

have occurred, with some of the most significant including the Cleveland East Ohio Gas 

explosion in 1944, which remains one of the deadliest incidents when multiple LNG 

storage tanks with 20,000 m3 ruptured and exploded in a residential area, killing 130 

people and destroying a square mile of the city. The Quebec City, Canada explosion of 

an LNG facility in 1972 caused significant damage to the surrounding industrial area, 

while the Staten Island LNG facility explosion in 1973 killed 40 workers during tank 

cleaning operations. More recently, the Skikda LNG facility explosion in Algeria in 2004 

resulted in 27 fatalities and extensive damage to the facility, highlighting the continued 

importance of rigorous safety protocols in LNG storage and handling. The Buncefield 

disaster of December 11, 2005, was one of Britain's largest peacetime explosions, 

occurring when a failed gauge led to an oil tank overflow at the Hertfordshire storage 

terminal, creating a massive vapor cloud that ignited and caused a devastating explosion 

measuring 2.4 on the Richter scale, burning for days and causing £1 billion in damages 

but miraculously resulting in no fatalities [31]. The March 2014 explosion at the Williams 

Northwest Pipeline LNG storage facility in Plymouth, Washington, though resulting in 
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no fatalities, caused injuries and demonstrated the ongoing risks associated with LNG 

storage even with modern safety systems in place. In October 2015, a catastrophic 

incident in Rizhao, China, began with one tank explosion that triggered two more 

consecutive blasts and spread fire to nine storage tanks (see Figure 1.6). 

  

Figure 1. 6 LNG storage tank explosion in Shandong, China [32]. 

 

1.3 Research significance  

Terrorist attacks and accidental explosions pose severe threats to critical infrastructure, 

including buried gas pipelines and ACLNG storage tanks, leading to casualties and 

significant economic losses. Here are some of the aspects that needed to focus on: 

1. Pipe safety 

• Analyse pipeline response to blast loading. 

• Evaluate impact of critical factors (soil type, pipe depth, thickness etc.). 

• Provides insights into structural performance for buried gas pipeline under 

potential impact and blast loading. 
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2. LNG tank safety 

• Characterise material performance at cryogenic temperatures and after FT cycles. 

• Addresses critical knowledge gaps in ACLNG storage tank design under extreme 

conditions including cryogenic temperature and accidental dynamic loads. 

• Understand the structural response of ACLNG storage tanks under potential 

impact and blast loading. 

• Assess the dynamic behaviour of advanced concrete materials (CUHPC, GUHPC) 

under cryogenic temperature and dynamic loading scenarios, which contributes to 

developing more robust and sustainable construction materials for ACLNG 

structures. 

1.4 Research questions 

Given the frequent occurrence of explosion accidents and the influence of thermal loads, 

this research seeks to address the following key questions: 

• How resistant are buried gas pipelines to impact and blast loads? 

• How does concrete perform under cryogenic temperatures and after exposure to 

cryogenic FT cycles when subjected to extreme loading conditions? 

• What are the effects of FT cycles and cryogenic temperature environments on the 

dynamic response of concrete structures? 

• How do ACLNG storage tanks perform under blast loading, considering the 

effects of cryogenic temperatures? How can the findings from this study 

contribute to safer and more sustainable design guidelines for gas pipeline and 

LNG storage infrastructure? 
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1.5 Outline 

Chapter 1 presents the research background, research significant and outline of this study. 

Chapter 2 provides a literature review addressing two key areas: first, it examines 

potential threats to energy transmission and storage infrastructure, with particular 

emphasis on impact and blast loadings that can compromise system integrity. Second, it 

explores the mechanical properties of concrete under extreme conditions, specifically 

focusing on its behaviour at cryogenic temperatures and the effects of FT cycles on 

material performance. 

In Chapter 3, the response of buried pipeline under ground surface explosion is evaluated. 

It details the finite element analysis framework used to simulate blast effects on pipelines. 

The chapter outlines the parametric study design based on Dampier to Bunbury natural 

gas pipeline system in Australia, covering variations in charge weight, stand-off distance, 

pipe diameter, wall thickness, buried depth, steel grade, and soil properties. The 

methodology concludes with a description of data collection procedures, strain and 

deformation measurement approaches, cross-sectional flattening ratio calculations, and 

the statistical methods used to develop the empirical formula for pipeline safety 

assessment. 

Chapter 4 presents the experimental methodology and findings on dynamic mechanical 

properties of NSM under extreme temperature conditions via SHPB test at varying 

temperatures (20 ~ -160 °C) and after different FT cycles. Results are systematically 

presented, analysing the effects of cryogenic temperatures and FT cycles on key 

mechanical properties including dynamic compressive strength, elastic modulus, splitting 

strength, and strain rate sensitivity. The chapter concludes with a discussion integrating 
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these findings with existing literature and establishing their significance for cryogenic 

applications, particularly for ACLNG storage tank designs. 

In Chapter 5, an experimental investigation of CUHPC under cryogenic conditions is 

conducted. Results are systematically organised to analyse failure patterns, dynamic 

strength properties, elastic modulus variations, and strain rate sensitivity through DIFs. 

Additionally, a comparative analysis with Chapter 4 highlights CUHPC’s superior 

mechanical performance. 

Chapter 6 investigates the dynamic compressive behaviour of CUHPC subjected to 

cryogenic FT cycles using the SHPB technique. The results examined the influence of FT 

cycles on dynamic compressive strength, SEA and CDIFs. The microstructural analysis 

used SEM to find out the matrix deterioration, porosity, and the fibre-matrix interface 

after FT cycles. A comparative analysis of CUHPC's performance across different FT 

cycles was presented, emphasising the rate-dependent response and degradation 

mechanisms. Comparing with the findings in Chapter 4, the results demonstrated 

exceptional dynamic mechanical properties and enhanced structural behaviour of 

CUHPC. 

In Chapter 7, a sustainable concrete GUHPC is utilised to investigate the dynamic 

properties at extreme low temperatures. The use of GUHPC aligns with global 

sustainability goals by reducing carbon emissions associated with cement production 

while offering superior mechanical properties. It examined the effects of decreasing 

temperatures on compressive and tensile strength, strain rate sensitivity, and failure 

patterns at cryogenic temperatures. The development of empirical formulae for DIFs in 

both compression and tension provided valuable predictive tools for design applications. 
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X-ray CT analysis further explored microstructural transformations, identifying porosity, 

steel fibre distribution, and microcrack networks. 

Chapter 8 presents a numerical investigation of the impact resistance of reinforced NSC 

panels (which design based on the dome of LNG storage tank) subjected to cryogenic FT 

cycles. It focused on the modification of the CSCM concrete model to incorporate FT-

induced changes in concrete properties based on Chapters 2 and 4. The main results 

section analysed how increasing FT cycles affect impact response, examining crater 

dimensions, penetration depths, damage patterns, and energy absorption capabilities. 

Parametric studies explore the influence of various factors including impact weight and 

impact velocity.  

Chapter 9 numerically investigates into the structural response of ACLNG storage tanks 

subjected to combined blast loading and cryogenic temperatures. The concrete model 

KCC was modified based on the experimental results from Chapter 4, 5 and 6. The study 

evaluated the blast resistance of UHPC compared to NSC. The effect of liquid levels 

inside the storage tank and impact of TNT charge weight were examined. The chapter 

concludes with key findings and their implications for improving the safety and durability 

of ACLNG storage tanks in hazardous environments. 

Chapter 10 summarises the overall findings of this study and presents some issues and 

suggestions for future research. 
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Chapter 2. LITERATURE REVIEW 

2.1 Blast response and failure mechanism of energy infrastructure 

The increasing number in terrorist attacks and sabotages poses a serious threat to urban 

pipeline transportation and storage systems. As a consequence, it is of great significance 

to explore the wave propagation of explosion in soil and its effect for the damage on 

energy infrastructures. 

2.1.1 Explosion and related phenomenon 

Explosion is defined as a phenomenon that the accumulated energy of a substance is 

suddenly released under rapid oxidation or decomposition. This will cause the increasing 

in temperature and pressure, resulting in rapid expansion and shock wave [33]. According 

to the properties of explosion, it can be divided into physical explosion, chemical 

explosion, and nuclear explosion [34]. Common high explosives like trinitrotoluene 

(TNT) and nuclear explosions release energy in this form, although they produce energy 

in different ways [35]. Explosives can decompose rapidly in a short time and produce a 

large amount of heat and gas.  

In recent years, there have been more and more accidental explosions and terrorist attacks 

around the world. Most of the incidents are owing to external interference. As for the 

position of explosion on pipelines, it can include contact explosion, surface explosion and 

far range explosion. These accidents are often close-in range explosions, which will cause 

severe damage to structures such as buildings, pipelines, tunnels ascribed to the unevenly 

distributed blast loading on the structure components [36]. A few scholars pointed out the 

close-in range (Rn) refers to 0<Rn<20 r0 (r0 is the dimension of explosive charge) [37], 

while others suggest the scale distance of close-in range explosion is less than 1.2  
𝑚

√𝑘𝑔3 . 

The far range explosion defines the scale distance greater than 1.2  
𝑚

√𝑘𝑔3  [38, 39].  
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Contact explosion means that the explosive is immediately applied to the exterior surface 

of study object. Song et al. [40] and Stevens et al. [41] have done similar contact explosion 

experiments to research steel pipes' dynamic behaviour when subjected to an explosion 

load. The research revealed that the deformation range of steel pipes was related to the 

contact area of explosives. Moreover, the pipelines would undergo inelastic deformation 

when the charge weight was small. When the explosive equivalent was large enough, the 

pipeline would undergo shear failure, and the debris generated during explosion impact 

would form a through hole. Song et al. [40] explained that changing the pipeline wall 

thickness and TNT charge weight led to different failure modes of the pipeline. The main 

reason is the impact of the shock wave generated during the explosion on the pipeline. 

The pipe response can be classified into four modes: 1. Pipeline is elastically deformed 

under the shock wave. At this time, the pipeline wall was sunken but not damaged. 2. The 

pipeline has inelastic deformation and localised cracks. 3. Large fragments appear on the 

upper wall of the pipeline, and the high-speed fragments cause local pitting corrosion. 4. 

The high-speed fragment of the upper wall of the pipe forms a penetration hole under 

shock wave. Wu et al. [42] also pointed out that the penetration hole caused by high-speed 

fragment increased the damage from shock wave to the target. Furthermore, under the 

effect of shear stress and tensile stress, a piece of rectangular metal sheet was cut off on 

the pipe wall when the pipe was subjected to contact explosion [43]. 

Ground surface explosion is hemispherical in essence and the incident wave of explosion, 

and the shock wave reflected by the ground will immediately merge together. If high 

temperature and high-pressure gas breaks through the surface, it is called shallow 

underground explosion. Whether it is a surface explosion or a shallow underground 

explosion, part of the energy released by them will act on the ground to form a crater [33]. 

According to De [44], there are two principal mechanisms causing the damage in buried 
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pipelines, which includes direct loading by shock wave generated by explosion and large 

displacement in soil resulted in crater. Close-in explosion on the ground leads to crater 

formation with phenomenon of soil ejection, which removes the soil cover causing the 

exposure of buried pipelines, resulting in failure of pipelines. Moreover, far range blast 

loads will cause damage to buried pipelines owing to wave propagation in soil. Jiang et 

al. [45] stated that in the event of terrorist attacks and sabotage, the energy generated by 

surface explosion propagated to the distant soil layer through the rock stratum, and the 

induced blast wave propagation affected the safety of underground structures. In general, 

the whole process of shock wave propagation on buried pipelines is divided into 

expansion, migration and dissipation, whereas the top of the pipeline is the most 

vulnerable area where the earliest pressure peak occurs [46]. In summary, both cavity and 

wave propagation can affect the safety of buried pipelines, therefore, exploring the 

mechanisms of these two concepts is crucial for buried pipeline protection in terrorist 

attacks and sabotage events in the future.  

2.1.2 Blast load propagation in the soil medium 

The blast wave propagation in soil has a great impact on shallow buried structures. There 

are many different aspects affecting the blast wave propagation in soil, including the soil 

properties, saturation degree of soil, position of explosives, scale distance and so forth. 

Abedi et al. [47] utilised analytical solution to figure out the buried pipe displacement and 

peak pressure velocity in different amount of TNT under intact and weathered rock. The 

blast pressure wave velocity in intact rock was far greater than weathered rock, that 

meant, buried structure could be easier to rupture in intact rock in the same explosive 

charge and explosion distance. Wang & Lu [48] suggested that the blast wave propagation 

was highly impacted by the saturation degree of soil. Wang et al. [49] confirmed that the 

peak pressure and particle velocity in saturated soil was higher than in unsaturated soil 
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through the new three-phase soil model and the wave propagation speed in saturated soil 

was faster than in unsaturated soil because of the deformation mechanism and three-phase 

soil structure. 

Explosion is often accompanied by the formation of shock waves. The high-speed shock 

wave will strongly compress the soil. Under the strong vibration, the bond between soil 

particles will be weakened, finally leading to the destruction of soil structure. Depending 

on the position of explosive, the energy transmission of blast load in soil will be different. 

Yang et al. [46] reported that the proportion of energy absorbed by air was 53% and the 

soil was 47% when the explosive was buried on the ground and top surface was level with 

the ground. Prochazka et al. [50] stated that energy could be absorbed by soil up to 30% 

under the contact explosion. Based on numerical simulation and technical manual TM5-

855-1, Ambrosini & Luccioni [51] indicated that the attenuation of blast wave 

propagation in soil strongly depended on scale distance. 

Due to unavailability of experimental data in open literature, the ground shock caused by 

explosion can be calculated by  the empirical formulae from TM5-855-1[52]: 

𝑃𝑜 = 160𝑓𝑝𝑐(
𝑅

𝑊
1
3

)−𝑛                                         (2.1)   

where 𝑃𝑜 is peak pressure in Pa, 𝑓 is coupling factor, which is 0.14 for surface 

explosion, 𝑝𝑐 is acoustic impedance of soil in kg/(m²·s), 𝑅 is distance of explosive in 

meter, 𝑊 is charge weight in kg and 𝑛 is attenuation coefficient of the soil. 

However, this semi-analytical equation will not be applicable for the scale distance 

smaller than 0.4  m/𝑘𝑔1/3  when calculating the ground shock wave and free-field 

pressure [53]. 
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Soil-structure interaction (SSI) is another crucial factor for analysing the buried structure.  

The interaction between soil and structure is extremely complex, and its concept can be 

understood as dynamic and static phenomena mediated between soil and structure. Kausel 

[54] summarised the development in the field of soil structure interaction from the end of 

the 19th century to the 20th century. Because of the emergence of computers and 

simulation tools, the boundary element method was widely used in engineering analysis 

and code formulas. He also summed up that the contents covered by SSI theory, including 

the response of dynamic source or static source of surrounding soil, the response of 

ground vibration to soil (free field problem), the influence of massless structure on ground 

wave in ideal state, static and dynamic stiffness, the deformation of surrounding soil due 

to the inertial interaction of structure, and the numerical method required to analyse SSI 

problems.  

Nowadays, a number of researchers employ numerical techniques to analyse SSI. In the 

past, when studying the dynamic response under blast loading, it will be analysed by 

single degree of freedom (SDOF) system method as the structure is above the ground 

level. However, this method will ignore SSI when the structure is underground [55]. 

Therefore, the numerical method such as finite element method (FEM) could be adopted, 

which can not only build up structures and soils modelling in a more realistic way, but 

also consider SSI condition. Robert et al. [56] utilised the implicit and explicit finite 

element methods to analyse soil-pipeline interaction under quasi-static conditions, at the 

same time, they suggested that explicit finite element could be used to analyse buried 

structure under external load in dry or wet soil under quasi-static conditions. In general, 

considering SSI is necessary when analysing the buried structure under blast loading.  
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2.1.3 Crater formation 

The crater is formed due to the impact of blast loading on the ground and the vaporization 

of soil under huge energy. The size, depth, diameter and volume of the crater are often 

determined by the height of the explosive or the depth buried below the ground [33]. 

Figure 2.1 shows the different depths and radii in relation to different height of burst 

(HOB) or depth of burst (DOB). Ro and Do represent the radius and depth, respectively.  

Generally speaking, under the same charge weight, the diameter of crater formed by 

shallow burial of TNT will be larger than that formed on the surface because more energy 

from surface explosion will be released into the air [57]. Cooper [58] indicated that the 

size of the crater might also depend on the type of the soil based on the high-explosive 

experiments and fewer nuclear explosive tests. He also concluded the relationship 

between radii and depth with respect to the shape of crater (dished-shaped and bowl-

shaped). The size of the final crater was larger than the initial crater due to the scouring 

effect of soil [59].  

Many scholars have made efforts solve the relationship between blast load and crater size. 

Ambrosini et al. [60] did a series of experiments to simulate the relationship between 

crater dimension and the magnitude of TNT from 1 kg to 10 kg. Ramírez-Camacho et al. 

[24] summarised 90 natural gas pipeline accidents around the world via different 

characteristics of the pipeline such as the crater dimension, diameter and type of the 

pipeline, and burial depth of pipelines as well as operating pressure. Using a correlation 

and regression analysis, it indicated that there was a linear proportion between the depth 

of the crater and the depth of pipelines based on the 90 real cases. Likewise, there was a 

linear proportion between the length of the crater and the rupture of pipeline. Moreover, 

Peekema [59] reported that it needed approximately 116.12 kg TNT (256 Ibs)  to form a 

crater similar to San Bruno, California pipeline accident, with a length was 27.9 m, width 
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was 7.9 m and depth was 4.3 m. Better understanding of crater formation can investigate 

the buried pipelines under blast load.  

 

Figure 2. 1 Different sizes and shapes of crater regarding height or depth of burst [33]. 

 

2.1.4 LNG storage tank subjected to blast loadings 

Lee et al. [61] evaluated the blast resistance of prestressed concrete  outer walls of a 

270,000 m3. LNG storage tank under extreme loading scenarios using LS-DYNA. The 

research validated finite element models with test data and conducted full-scale 

simulations to assess structural responses to TNT charges ranging from 45.36 kg  to 68.04 

kg at a 1 m standoff distance. Results showed that the outer wall could safely withstand 

up to 68.04 kg  of TNT without catastrophic failure, with minimal displacement and stress 

observed at 45.36 kg. The majority of damage arose from the initial impulsive pressure, 

and the mid-height region, having lower reinforcement density, was identified as more 

vulnerable. Zhang et al. [32] conducted a numerical simulation using LS-DYNA to 

analyse the shock response of a large LNG storage tank under blast loads, focusing on a 

160,000 m³ tank in Qingdao, China. The study found that the tank could withstand 
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approximately 2 t of TNT equivalent, with maximum overpressure reaching 0.3 MPa and 

principal tensile stress peaking at 5.79 MPa, without significant concrete cracking due to 

prestressed steel reinforcement. Sun et al. [62] conducted a comprehensive fluid-solid 

coupling numerical analysis to investigate the dynamic response and damage of a small-

scaled ACLNG storage tank (outer tank diameter: 2.7 m; Height: 1 m) under penetration 

and explosion conditions. They used a self-programmed numerical simulation model to 

examine how different explosives (TNT, 8701, and Comp B) and various detonation 

points (external, drill penetrating, off-centre penetrating, and centre penetrating) affect 

shock wave propagation and tank structural damage. Their key findings revealed that 

shock waves rapidly attenuate after detonation, with pressure peaks varying significantly 

across different positions. The broken hole from projectile penetration influences pressure 

release, and the peak pressure correlates with the explosives' detonation characteristics. 

Notably, the connections between the  sidewall and top/bottom plates of tank were most 

vulnerable to damage due to shock wave aggregation and stress concentration. 

2.2 Impact load response and failure mechanism of energy infrastructure 

2.2.1 Impact load response to pipelines 

Pipeline accidents are often caused by the impact of external impact forces. As reported 

in Section 1.2.1, 17% of pipeline accidents are caused by construction excavation damage 

from 2001 to 2020. For example, the bucket teeth of excavators often used on construction 

sites have high impact, which can easily penetrate the outer wall of the buried pipeline. 

Figure 2.2 displays different types of bucket teeth that often used in the excavator. The 

depth of pipeline in Australia is normally between 300 mm to 1800 mm. Due to the 

shallow buried, pipeline is easy to rupture when suffering from the external pressure. 

Consequently, it is crucial to comprehend the impact and failure mechanisms of impact 

load on pipelines. 
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Figure 2. 2 Different types of bucket teeth [63]. 

Many scholars have studied pipelines subjected to different impact loads. Brooker 

analysed the pipeline puncture under excavator loading through experiments and 

numerical simulation [64-66]. It predicted the static puncture resistance of the pipeline 

when bucket teeth contacted perpendicular to the pipeline through numerical simulation. 

In addition, the centreline of the pipeline was punctured by changing different bucket 

tooth dimension, puncture loading angles and pipeline wall thickness, which concluded 

that the rotation angle of the teeth had little effect on the puncture load, while bucket tooth 

dimension and pipeline wall thickness had strong influence with puncture loading. 

Similarly, Liu et al. [67] studied buried polyethylene pipelines under excavation load via 

numerical simulation regarding exaction position, pipeline diameter, pipeline wall 

thickness and pipeline internal pressure attributed to the increasing amount of urban gas 

pipeline accidents caused by sharp dipper-teeth of excavator. Moreover, Xu et al. [68] 

analysed the static and dynamic behaviour of buried X60 gas pipes when excavators are 

equipped with various tooth counts (single-tooth and five-tooth) under different driving 

forces (boom cylinder, stick cylinder and bucket cylinder) and digging angles (0° and 

45°).   

Some scholars also employed dropped object to study the effect of impact load on 

pipelines. Jiang et al. [69]  reported that impact velocity and the mass of the dropped 

object, shape of the dropped object, concrete coating thickness, internal pressure of 

pipelines, and burial depth etc. might result in the dent depth of pipelines. Furthermore, 
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Jiang et al. [69] also stated that the soil had a certain buffer effect on the impact load of 

the buried pipelines, but it could not protect the shallow buried pipelines. Generally 

speaking, review on the impact load acting on the pipelines is very necessary, which can 

provide direction for the subsequent pipeline protection measures. 

2.2.2 Failure mechanism to pipeline 

There are numerous reasons that contribute to pipeline failure under impact load, such as 

the thickness of pipeline outer wall, internal pressure of pipelines, pipeline diameter, 

buried depth of pipelines, excavation position/angle, soil properties, tooth shape and 

number of bucket teeth and so on. Conventional stress-strain of material is generally 

divided into four stages, which are elastic behaviour, yield, strain hardening and necking. 

The bearing capacity of the area subjected to impact load will be reduced, and large plastic 

deformation will occur as well, resulting in the pipeline stress exceeding its yield strength 

[67, 70]. As for thickness of pipeline outer wall, thinner wall thickness might cause larger 

von Mises stress, leading to low bearing capacity of higher internal pressure. 

Furthermore, when the pipe diameter is smaller, the pipe deformation is more obvious, 

because the mechanical load is borne by the whole pipe, resulting in the increase in pipe 

reaction force on pipeline invert [67]. According to Xu et al. [68], single-tooth might 

impact larger deformation than fifth-tooth on pipelines because of larger maximum 

equivalent strains and equivalent plastic strains acting on single-tooth. However, the 

shape of the excavator tooth is unlikely to provide too much additional resistance to 

prevent the hole formation on pipelines, therefore, when investigating the effect of tooth 

shape reacting on pipelines, it can be judged directly from the size of the puncture hole 

[66]. On summary, the damage events caused by pipeline impact load emerge one after 

another, therefore, in the following study, it will focus on protective methods to protect 
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the pipelines based on the above conditional factors that may cause failure of buried 

pipelines. 

2.2.3 Impact load response to LNG storage tank 

LNG storage tanks pose potential threats when subjected to aircraft impact loadings, as 

their structural integrity can be compromised under such extreme forces. Aircraft 

collisions, whether accidental or intentional, can result in catastrophic damage due to the 

kinetic energy involved and the potential ignition of LNG. The lightweight construction 

of modern aircraft, combined with high velocities, can penetrate tank walls or disrupt 

containment systems, leading to leaks or explosions.  

The potential threat of aircraft impact on LNG storage tanks has been studied through 

finite element modelling to understand the structural responses under such extreme 

loadings by Zhai et al. [71]. FE models of aircraft, such as the Bombardier Challenger 

850 and Boeing 757, have been developed to simulate their impact on LNG storage tanks. 

These models consider critical structural elements like engines, high-strength aluminium 

alloy materials, and strain rate effects. Simulation results demonstrated that the reticulated 

shell, a key structural component of LNG storage tanks, played a vital role in absorbing 

impact energy and mitigating damage. When aircraft impact the reticulated shell directly, 

localised deformations and member failures occur, but the overall structure remained 

intact. For LNG tanks with a concrete dome and steel-lined reticulated shell, the combined 

effect significantly enhances the tank's resistance to aircraft impact, dissipating kinetic 

energy and minimising internal damage. This highlights the importance of incorporating 

robust outer layers, such as concrete and reticulated shells, in LNG tank designs to address 

potential aircraft impact scenarios. 
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Peng et al. [72] conducted a comprehensive numerical analysis of the safety of large-scale 

LNG storage tanks against commercial aircraft impacts. They developed and validated 

detailed finite element models of both the Chinese Yang Shan LNG pre-stressed storage 

tank and an A320 aircraft, using the Improving the Robustness of Assessment 

Methodologies for Structures Impacted by Missiles (IRIS) bending behaviour test and 

modified Riera function respectively. Using these models, they simulated complete 

aircraft impact scenarios and performed parametric analyses examining different impact 

angles (0°, 15°, 30°, 45°), positions (half height, three-quarters height, and dome 

connection), and velocities (100 m/s, 125 m/s, 150 m/s). The results showed that while 

the outer concrete tank and steel liner experienced significant deformation and plastic 

strain under impact, the inner steel tank - which contains the LNG - maintained its 

integrity across all tested scenarios, with maximum effective plastic strains well below 

failure thresholds. The study found that impact angle significantly affected the damage 

pattern, with larger angles resulting in less severe damage, while impact position had 

relatively minor effects on structural response. Impact velocity proved to be a critical 

factor, with higher velocities causing substantially greater deformation and damage. 

Overall, the research demonstrated that the studied LNG storage tank design maintains 

its containment function under the analysed aircraft impact scenarios, providing valuable 

insights for the design and safety assessment of such facilities. 

2.3 Resilience-based protection design 

Resilience is one of an important concept in civil infrastructure system. Physical, ecology, 

social, economic, time, and cost to restore functions are all factors considered in 

resilience-based design [73]. It is more effective and efficient to protect critical 

infrastructure when using resilience-based design, which can sustain infrastructure 

performance during and after many different types of potentially disruptive events and 
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reduce the high consequences caused by hazards [74]. Cimellaro et al. [75] pointed out 

that there are four dimensions of resilience, including robustness, resourcefulness, 

redundancy and rapidity, which can better understand the functionality Q of the structure. 

Figure 2.3 shows the functionality recovery under extreme event, and the equation R =

(
1

𝑡𝑟−𝑡0
) ∫ 𝑄(𝐻𝑍. 𝑇𝑃, 𝐺𝑀, 𝑡)𝑑𝑡

𝑡𝑟

𝑡0
 can calculate the cumulative amount of reduced 

functionality over the recovery period (𝑡0 − 𝑡𝑟). Functionality Q relative to TP (function 

of topology), GM (geometry), HZ (hazard) and t (time) [76, 77].  Shallow buried pipelines 

may degrade in function and performance due to aging and degradation during operation. 

Once a destructive event occurs, the functionality will be significantly reduced, and the 

residual functionality level after the destructive event will be used to measure robustness 

and determine the level of resilience. Therefore, to reduce the potential risk of shallow 

buried pipeline and ACLNG storage tank after destructive events, it is very necessary to 

protect the pipeline or ACLNG storage system to reduce the loss of function. 

 

Figure 2. 3 Functional recovery under disruptive events[78]. 

The explosion-proof performance, maintenance cost and service life of the advanced 

materials can be further improved. The development of optimised protection design is 

particularly important for energy infrastructure protection. Two types of modern 

materials that can be used for energy infrastructure safety, which are CUHPC and 

GUHPC. 
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CUHPC has ultra-high durability and ultra-high mechanical properties, which are 

embodied in its high compressive strength and tensile strength, excellent durability and 

high ductility. The compressive strength of CUHPC at 28 days is greater than 150 MPa 

and the flexural strength is greater than 30 MPa [79]. CUHPC is a kind of cementitious 

material, which fills micron particles such as cement, fly ash and mineral powder into 

millimetre particles (aggregate). The dense microstructure and excellent durability give 

UHPC structural members a longer service life and lower maintenance and repair costs 

[80]. In spite of these points of interest, compared with normal strength concrete, CUHPC 

has better explosion resistance. Because CUHPC panel has a high capacity to absorb 

energy, the oscillation frequency of CUHPC panel is higher than that of normal strength 

concrete panel [81].  

GUHPC is an advanced class of concrete that combines the superior mechanical 

properties of UHPC with the environmental benefits of geopolymer technology. Unlike 

conventional CUHPC, GUHPC utilises industrial by-products, such as fly ash or ground 

granulated blast-furnace slag (GGBS), as primary binding materials, activating them 

through an alkali solution [82-84]. This innovative approach reduces the reliance on 

ordinary Portland cement (OPC), thereby significantly lowering the carbon footprint 

associated with concrete production [85]. GUHPC has gained substantial popularity in 

modern infrastructure due to its high early strength [86] stemmed from aluminosilicate 

gels, primarily formed by the polycondensation of alumina and silica species in the 

presence of an alkaline activator [87], improved ductility [88] and fire resistance [89, 90]. 

The use of GUHPC aligns with global sustainability goals by minimising the carbon 

emissions associated with traditional concrete. Its ability to incorporate large quantities 

of industrial by-products promotes resource efficiency and reduces waste, making it a key 

material in the construction of resilient, sustainable infrastructure. 
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Consequently, research and industrial groups are committed to using advanced concrete 

materials. This can improve the potential impact or blast resistance of the ACLNG storage 

tank and is more environmentally friendly and economical. 

2.4 Cryogenic temperature and FT cycles attack 

2.4.1 Cryogenic temperature attack to concrete 

2.4.1.1 Static performance of concrete at low/cryogenic temperature 

Numerous researchers have investigated the concrete's mechanical properties at low and 

super-low temperatures to facilitate the scientific, rational, and cost-effective design of 

structures while ensuring their performance and safety in extreme cold environments [91-

95]. Van de Veen [96]  had a comprehensive review on the properties of concrete such as 

the compressive strength, tensile strength, modulus of elasticity at low and cryogenic 

temperature and after FT cycles. It revealed that the mechanical properties of concrete 

could be affected by the type of aggregate, cooling condition, water to cement ratio (w/c) 

and moisture content (MC). Lee et al. [97] performed a series of experiments across a 

temperature range from ambient temperature to -70 °C investigating the compressive and 

splitting tensile strength, elastic modulus as well as Poisson's ratio of concrete, under both 

monotonic and cyclic loading conditions. Their findings revealed that as the temperature 

decreased, the characteristics of aforementioned concrete exhibited an increase as 

compared to ambient temperature conditions. Specifically, the compressive and splitting 

tensile strength, elastic modulus, and Poisson's ratio at -70 °C were approximately 2.01, 

1.50, 2.07 and 1.47 times greater than those at 20 °C. Lin et al. [94] extensively reviewed 

concrete properties including compressive, splitting tensile strength and  elastic modulus 

etc. under low and cryogenic temperatures. It concluded that concrete properties steadily 

increased until a critical temperature, after which they stabilised or declined slightly. 
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Compressive strength peaked below -100 °C, while the critical range for tensile strength 

was between -30 and -70°C. Huo et al. [95] demonstrated that moisture content (MC), 

aggregate type, water to cement ratio (w/c) etc., influenced concrete properties at low 

temperatures. Moisture content had the most pronounced impact, with higher levels 

leading to greater enhancements in performance.  

Several reasons can explain such improvement. First and foremost, when water freezes 

inside concrete at lower temperatures, it forms a solid interconnected mesh of ice veins 

that exerts pressure on the concrete, prestressing it and consequently improving its 

compressive strength due to the presence of a multiaxial stress state [94]. Furthermore, 

when water freezes within the tiny pores and capillaries present in the concrete, the ice 

thoroughly occupies and fills these micro-sized voids throughout the material. This 

complete filling of the capillary pore spaces by ice helps to distribute stresses more evenly 

within the concrete matrix at low temperatures. By eliminating these microscopic voids, 

the formation of localised stress concentrations is mitigated, thereby preventing the 

initiation and propagation of microcracks within the concrete when exposed to low-

temperature conditions. Wiedemann’s [98] pore model explained variations in the 

internal formation of concrete at low temperatures owing to water freezing. Five critical 

stages were identified with distinct effects on strength, including 20 °C ~ 0 °C, 0 °C ~ -

20 °C, -20 °C ~ -60 °C, -60 °C ~ -90 °C and -90 °C ~ -170 °C: shrinkage, ice formation 

in larger pores (strength increases), ice in smaller pores (strength slows), ice shrinkage 

reducing pressure (strength increases), and potential peak strength due to opposing effects 

at ultra-low temperatures. The model highlighted areas for further research like new 

testing methods. To gain a deeper insight into the reinforcing effects of low temperatures 

on concrete, Gong et al. [99, 100] utilised micro-scale models to investigate the ice 

formation within concrete pores and the consequent crack propagation. Through the use 
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of differential scanning calorimetry (DSC) and thermoporometry (TPM) techniques, 

Jiang et al. [101] discovered that the freezing of water present within the pores of concrete 

(20 ~ -170 °C), particularly in the temperature range from 0 to -50 °C, played a significant 

role in enhancing the strength of concrete at cryogenic temperatures. The findings 

revealed that the formation of ice crystals within both the capillary pores and gel pores 

contributed to the observed increase in concrete strength when exposed to extremely low 

temperatures. 

Ultra-high performance concrete (UHPC) emerges as a premium alternative to 

conventional concrete with its exceptional strength, durability and improved resistance to 

cracking [102]. Some researchers examined the fundamental mechanical properties of 

UHPC at low and cryogenic temperature. Kim et al. [103, 104] investigated the 

compressive and tensile behaviour of UHPC at -170 ℃. Exposure to extremely low 

temperatures resulted in a significant enhancement in the mechanical properties of the 

material. For example, UHPC specimens containing 19.5 mm steel fibres, compressive 

strength was increased by 46.3%, tensile strength by 34.4% and fracture energy by 52.4% 

at -170 ℃ compared to values at ambient temperature. To address the negative effects of 

early-age shrinkage, characterised by microcrack formation [105] due to rapid hydration 

and water loss of UHPC, Jin et al. [106] conducted a study where incorporated 20% 

coarse aggregate into traditional UHPC with steel fibre content (0-3%) and tested the 

mechanical properties, across a wide temperature range from room temperature down to 

-90 °C. Results indicated a significant improvement in compressive (increased by 46.3% 

at -90 °C with 2% steel fibres compared to 20 °C) and splitting tensile strength (increased 

by 38.6% at -90 °C with 2% steel fibres compared to 20 °C) with decreasing temperature, 

attributed to improved material properties at lower temperatures and the formation of ice 

within pores. While steel fibres enhanced compressive and splitting tensile strength, 
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excessive fibre content led to weaken the low-temperature enhancement effect, likely due 

to fibre agglomeration. 

Vandewalle [107] used the pull-out test to explore the bonding behaviour between steel 

and concrete at 20, -40, -80, -120 and -165 °C. The results indicated the ultimate bond 

strength increased by 33.3%,77.8%, 100.0% and 94.4% at -40, -80, -120 and -165 °C, 

respectively, in comparison with the ultimate bond strength at ambient temperature. The 

ultimate bond strength increased with higher moisture content in the test piece. Jin et al. 

[108] and Zhang et al. [109]  analysed the bond strength at cryogenic temperatures via 

numerical simulation and pull-out test. A linear increase of 11.8% in the ultimate bond 

strength was noted as the temperature decreased from 20°C to -120°C. However, the 

residual bond strength and ultimate slip exhibited linear decline of 51.3% and 15.7%, 

respectively, while the bond strength reduces after FT cycles. 

Fracture energy is another important property that characterises the resistance of concrete 

against crack growth and failure, which represents the total energy that the concrete 

absorbs since the crack initiates. Ohlsson et al. [110] conducted three-point bending tests 

to understand the fracture energy and the fatigue strength of concrete across temperatures 

ranging from 20°C to -35°C, using four different concrete grades: C25, C40, C45, and 

C100. Fatigue strength refers to the ability of a material to withstand repeated loading and 

unloading cycles without experiencing failure. It relates to the increased resistance of 

concrete to fatigue failure under low temperatures. The resistance is attributed to the 

mechanisms governing crack propagation during cyclic loading. Fatigue failures typically 

exhibit a more extensive pattern of cracks compared to static failures, resulting in a state 

where the material is more compromised or "cracked" after experiencing fatigue failure. 

A higher fracture energy and fatigue strength was observed at -35 °C as compared to that 

at ambient temperature. Maturana et al.[111] employed three-point flexural tests to assess 
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the fracture energy of concrete over a temperature range spanning from 20°C to -170°C. 

It found out a remarkable rise in fracture energy as the temperature decreased. At -170°C, 

the fracture energy was roughly three times higher as compared to that at room 

temperature. Rocco et al. [112] investigated the fracture characteristics of concrete at 20, 

-20, -70, -120 and -170 °C, and conducted flexure bending and standard cylinder-splitting 

tests. It indicated that the reduction in the temperature resulted in an increase in fracture 

energy and splitting tensile strength owing to the freezing of water in the bulk of the 

concrete.  

Meanwhile some of the researchers investigated the flexure bending of reinforced 

structure at cryogenic temperatures. Liu et al. [113] employed four-point flexural bending 

tests on six reinforced concrete beams (with dimensions of 40 × 40 × 300 mm in width, 

height, and length, respectively) within a temperature range spanning from 20 °C to -180 

°C, which demonstrated that as the temperature decreased, there was an observable 

increase in both the load-bearing capacity as well as stiffness of the beams. The results 

indicated that the ultimate bearing capacity of the beams was significantly higher under 

low temperatures. Specifically, under the temperatures of -40, -80, -120, -160, and -180 

°C, the ultimate bearing capacity of the beams was amplified by 1.3, 1.4, 1.9, 2.1, and 2.6 

times, respectively, as compared to the beam tested at ambient temperature. Nevertheless, 

the test beam sizes used in the previous studies were scaled proportionally, limiting the 

amount of information they could provide. Yan and Xie [114] conducted larger scale 

experiments to explore the performance of reinforced concrete beams at 20, -40, -70 and 

-100 °C. They performed twelve groups of four-point flexural bending tests with 

reinforced concrete beams (65 × 120 × 1600 in terms of width, height, and length in mm). 

It indicated that the resistance of reinforced concrete beam improved at low temperature. 

The ultimate bearing capacity of the beams under the temperatures of -40, -70, and -100 
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°C was 1.0 times, 1.1 times, and 1.3 times greater than the beam tested at ambient 

temperature, respectively.  

On the other hand, in terms of UHPC, Liu et al. [115] conducted three-point and four-

point bending tests to find out the flexural and fracture behaviour of UHPC with 

temperate ranging from 20 °C to -30, -60, -90, -120 and -160 ℃. The flexural peak loads 

were 1.08, 1.26, 1.28, 1.61, and 1.60 times greater at -30, -60, -90, -120 and -160 °C, 

respectively, compared to the load at 20 °C with specimen dimension 

515 × 100 × 100 (length × height × width in mm). In addition, the fracture energy of 

UHPC increased by 1.53, 1.61, 1.63, 1.85, and 1.87 times at -30, -60, -90, -120 and -

160°C, respectively, compared to the value at 20 °C. Compared to the experiment results 

from Xie et al. [116] (who has conducted the three-point bending tests for conventional 

concrete from 20 °C to -80 ℃ with the same dimension above), it showed that the fracture 

energy dramatically increased by 99.38% and 99.49% for UHPC specimens at -30 and -

60 °C, respectively. The increased fracture resistance of UHPC was attributed to the 

freezing of pore water into ice, which can enhance the interfacial adhesion between steel 

fibres and the UHPC matrix. Zhang et al. [117] explored the flexural performance of 

UHPC under six temperature conditions, ranging from 200 °C to cryogenic temperatures, 

using acoustic emission (AE) technology to identify cracking characteristics. Results 

revealed that exposure to in-situ -170 °C signally enhanced flexural strength nearly 2 

times greater than the values at room temperature. This improvement was attributed to 

frozen water acting as a barrier to microcrack propagation, increased frictional resistance 

from hardened cement grains, and improved bond strength between steel fibres and the 

cement matrix. However, despite these enhancements, UHPC at -170 °C exhibited 

reduced ductility, characterised by steeper post-peak load decreased and higher energy 

release rates. AE results showed stronger signals and a higher proportion of shear cracks 
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in the linear-elastic stage at -170 °C. While at -170 °C condition significantly boosted 

strength and toughness, it also led to a trade-off in ductility, with the deflection ductility 

coefficient decreasing by 53.0% compared to ambient temperature. 

2.4.1.2 Dynamic behaviour of concrete at low temperature 

With the increasing demand for infrastructure in cold environments and the growing 

utilisation of LNG storage facilities [15, 118], there is a pressing need to develop concrete 

materials and structures that withstand extreme low temperatures and dynamic loading 

conditions. Consequently, a comprehensive evaluation of concrete performances and its 

failure criteria across a broad spectrum of strain rates is crucial for properly designing 

structures withstanding dynamic loadings and low temperature condition as along with 

FT cycles. 

So far, only a limit study has focused on the dynamic behaviour of concrete material, 

especially UHPC at low temperature and cryogenic condition, only a few studies have 

explored in NSC. MacLean and Lloyd [119] performed experiment to investigate the 

effects of low temperatures (20, 0, -15, -45 and -70 °C) and low strain rates (average 

strain rate of 1.2 s-1) on the compressive behaviour of concrete by using a drop mass 

impactor. It showed that the ratio of dynamic to static peak stress decreased linearly with 

decreasing temperature, reaching 0.82 at -70 °C. Su et al. [120] analysed the dynamic 

compressive behaviour of concrete via SHPB with strain rate 100 s-1  - 300 s-1 and built 

up a mesoscopic model of concrete, including mortar, aggregates, interfacial transition 

zones (ITZs) as well as ice particles. It emphasised that the improvement of mechanical 

properties was owing to the effect of ice. The declining temperature led to improved 

mechanical properties of aggregates and ice, resulting in a gradual decrease in damage 

rates based on the observation in numerical model. Qiao et al. [121] explored the dynamic 

behaviour of concrete by varying temperature (from 20 °C to -75 °C), strain rate 
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(approximately from 34 s-1 to 64 s-1), water to cement ratio (w/c) (0.5, 0.6), and maximum 

aggregate size (12 and 22 mm). It was noted that temperature had the most dramatic 

impact on dynamic compressive strength, followed by strain rate, w/c as well as the 

maximum aggregate size. Dynamic compressive strength generally increased with 

decreasing temperature, reaching a maximum increase ratio of 65% at -75 °C. Moreover, 

specific energy absorption (SEA) increased as temperature decreased, indicating 

improved impact resistance at lower temperatures.  Jin et al. [122] developed a 3D meso-

scale numerical model to investigate the dynamic compressive strength increase factor at 

strain rate 10-5~102 s-1, with temperature ranging from 20 to -160 °C. Cryogenic 

temperatures were observed to magnify strain rate sensitivity. 

2.4.2 FT cycles attack to ACLNG storage tanks 

2.4.2.1 Static performance of concrete after FT cycles 

ACLNG storage tanks pose significant challenges to the durability and performance of 

concrete structures. Not only cryogenic thermal attack, but also FT cycles resulting from 

the fluctuating state of LNG storage levels [123] remarkably impact the microstructure 

and mechanical properties of concrete over time. 

Over the last few decades, numerous scholars have explored the mechanical properties of 

concrete following cycles of low temperature FT exposure. A series of experiments 

regarding compressive and tensile strength as well as elastic modulus of concrete were 

conducted by Lee et al. [97] at a temperature range from 20 °C to -70 °C both under 

monotonic and cyclic loadings. The study noted a slight reduction in compressive strength 

and elastic modulus after FT cycles. Rostásy and Punch [124] examined concrete 

compressive and splitting tensile strength at low temperatures varying from +20°C to -

170°C, and they also tested residual strength after low temperature FT cycles between 20 

°C and -85 °C with a cooling rate of 1 ℃/min. It was reported that the higher water content 
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in the concrete resulted in a loss of residual compressive strength up to 38% after 10 times 

FT cycles and the loss of tensile strength up to 57%. The concrete splitting tensile strength 

exhibited more prominent reductions after thermal cycles when compared to the 

compressive strength. Rostásy et al. [125] performed a series of experiment to explore 

the compressive and tensile strength of concrete after FT cycles with temperature ranged 

from 20 °C to -30 °C, 20 °C to -70 °C and 20 °C to -170 °C, respectively. The findings 

revealed a gradual decline in the compressive strength of the concrete following each 

temperature cycle, with the majority of the damage occurring within the FT cycle from 

20°C to -170°C. After 12 cycles (temperature range from 20 °C to -170 °C), splitting 

tensile strength reduced to 18% of initial strength for blast furnace slag mortar and 31% 

for Portland cement mortar. 

Shi et al.[126-129] explored the compressive strength, tensile strength and elastic 

modulus of NSC after cryogenic FT cycles, the temperature ranged from 20 ℃ to -120 

℃, -30 ℃ to -120 ℃, 10℃ to -160 ℃ with cooling rate 1 ℃/min. With increased FT 

cycles, there was a notable cumulative influence of FT damage, resulting in a significant 

reduction in compressive strength, tensile strength and modulus of elasticity. They also 

adopted two FT methods to test the residual modulus of concrete. In Method 1, the FT 

cycle began from ambient temperature and in the Method 2, the FT cycle began from the 

low temperature limit. The results indicated that with the increase in the number of FT 

cycles, the elastic modulus of concrete using Method 1 decreased, while the elastic 

modulus of concrete using Method 2 remained unchanged or even slightly increased. This 

may be because the remarkable freezing effects of concrete pore water offset the 

cumulative effects of FT damage. Furthermore, uniaxial and triaxial compression tests 

were conducted by Zhou et al. [130] to evaluate the behaviour of high strength concrete 

and C60 after ultra-low temperature FT cycles between 20 °C to -165 °C with cooling 
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rate 2-3 ℃/min. The findings indicated that the strength of both high strength concrete 

and C60 concrete reduced as the number of ultra-low temperature FT cycles increased. 

The water–binder ratio (w/b) of C60 and high strength concrete was 0.27 and 0.21, 

respectively. Compared to C60, high strength concrete with a lower water cement ratio 

and smaller porosity showed a lower expansion strain. Therefore, the strength loss of high 

strength concrete after super-low temperature FT cycles was less. After 20 cycles of 

super-low temperature FT, the number of large and fine pores in the concrete increased 

significantly, leading to significant deterioration of the concrete structure. On the other 

hand, in accordance with Sun et al. [131], the Poisson's ratio of concrete exhibited 

relatively low sensitivity to the FT cycles.  

Kim et al. [104] investigated both normal strength concrete (NSC) and ultra-high 

performance fibre reinforced concrete (UHPFRC) at cryogenic temperature (-170 °C) and 

1 time of FT cycle. The results indicated the compressive and tensile strength for both 

materials increased significantly under cryogenic temperature, but slightly declined after 

1 time FT cycle. He et al. [132, 133] analysed the influence of different fibres including 

steel, polypropylene (PP), and polyvinyl alcohol (PVA) fibre in UHPC subjected to 1 FT 

cycle from 20 ℃ to −170 ℃ and increased to room temperature. Specimens with PVA 

and PP fibres experienced a more evident reduction in flexural strength after cryogenic 

attack, and this is because PVA and PP fibres were more prone to agglomeration and 

insufficient hydration (which occurred in concrete when there was not enough water 

available for all cement particles to fully react) due to water absorption of these two fibres, 

reducing their reinforcing effects. He et al. [134] conducted steel fibre pull-out tests on 

straight as well as hooked-end steel fibres embedded in UHPC specimens to FT cycles 

(herein one FT cycle was defined as temperature dropping from 20 °C  to -170 °C and 

then elevating to 200 °C before returning to 20 °C). The results demonstrated that in the 
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scenario of specimens with hooked-end steel fibres, the compressive strength, bond 

strength and pull-out energy after 5 FT cycles decreased approximately 7.0%, 6.7% and 

9.8%, respectively, as compared to after 3 FT cycles. This indicated that the fibre-matrix 

interface may be negatively affected by prolonged temperature cycling. 

A number of researchers have managed to explain the concrete deterioration after FT 

cycles via microstructure analysis. He et al. [135] analysed internal pore structure and 

micro-morphology after cryogenic FT cycles. It demonstrated that cryogenic FT cycles 

caused remarkable changes in concrete's microstructure. The process involved complete 

freezing of pore water, water migration, and increased surface absorption. This led to the 

formation of tiny microcracks (smaller than 20 nm), which gradually expanded owing to 

crystallisation pressure. Over time, these microcracks developed into medium-sized 

capillary pores (size ranging from 10 to 50 μm), explaining the progressive deterioration 

of concrete under repeated FT cycles. The mechanical characteristics of concrete at 

cryogenic temperatures and after cryogenic FT cycles were thoroughly studied and 

analysed by Liu et al. [136]. It summarised the main specific mechanisms for cryogenic 

FT cycles, including stress concentration in the Interfacial Transition Zone (ITZ) 

stemmed from the variations in the thermal expansion coefficients between mortar and 

aggregates, nanoscale deterioration of C-S-H gel, causing microcracks within or between 

C-S-H grains, exacerbated volume expansion from pore water freezing leading to pore 

wall extrusion and cracking, as well as increased water absorption from the external 

environment accelerating deterioration. 

Some scholars have conducted experimental and numerical simulation studies on the 

bonding performance of reinforced concrete after ultra-low temperature FT cycles. Lee 

et al. [97] found out the bond strength declined by 1.1%, 2.5% and 8.5% after 1, 10 and 

30 times of FT cycles at which temperature ranged from 20 °C to -70 °C. Xie et al. [137] 
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have conducted a pull-out test with temperature ranging from 20 ℃ to -40 ℃, 20 ℃ to -

75 ℃ and 20 ℃ to -120 ℃. As the number of cycles increases, the effect of each cycle 

on the reduction of bond strength gradually weakens. After three FT cycles, the average 

bond strength reduced by 6%, 13%, and 14% at FT temperatures of 20~-40 ℃, 20~-75 

℃, and 20~-120 ℃, respectively. However, there is a lack of research on the fracture 

energy of concrete after FT cycles. Xie et al. [138] studied the fracture energy of concrete 

after the FT cycle in the range from 20 °C to -80 °C via three-point bending tests. The 

findings indicated that as the lower temperature limit decreased and the number of cycles 

increased, the fundamental mechanical properties of concrete, along with the toughness 

of crack initiation and fracture energy, demonstrated a decreasing pattern. 

The characteristics of concrete after FT cycles that are mentioned in the introduction part 

are summarised in Appendix N.  

2.4.2.1 Dynamic behaviour of concrete after FT cycles 

There is limited research on its dynamic behaviour after FT cycles. Li et al. [139] 

performed impact tests using SHPB on self-compacting concrete (SCC) specimens before 

and after 200 FT cycles temperature range varying from (−18 ± 2)°C to (5 ± 2)°C with 

strain rate between 30 to 210 s-1. It demonstrated that peak stress and strain as well as 

impact toughness index increased with strain rate, and elastic modulus showed weak 

strain rate dependence. Gan et al. [140] conducted FT cycle tests with temperature range 

of 0 °C to -30 °C, cyclic loading tests and dynamic loading tests on concrete specimens 

and examined concrete behaviour at different strain rates (10-5 to 10-2 s-1)  after 50 FT 

cycles. The results indicated that compressive strength of FT damaged concrete increased 

31.61% as compared to room temperature, while undamaged concrete only increased by 

22.92% (at 10-2 s-1strain rate) and the rate sensitivity of concrete after FT cycles was 

generally higher than that of undamaged concrete. 
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2.5 Summary and Discussion 

This chapter comprehensively summarises characterisation of blast wave propagation in 

the soil medium, impact load, and failure mechanism of pipelines optimised protection 

design of pipelines in detail. The mechanical properties of concrete at cryogenic 

temperature and after FT cycles for ACLNG storage tanks are comprehensively reviewed. 

The conclusion can be drawn as follows: 

• Part of the energy released by a surface explosion would act on the ground to form 

a crater, while far-range blasts might produce shock wave propagation. The 

effects of the explosion on buried or exposed pipelines were significant. 

• Both pipelines and LNG storage tanks are vulnerable to impact loads from various 

sources such as excavator damage and aircraft collisions, but their structural 

integrity can be maintained through proper design considerations and protective 

measures based on comprehensive understanding of failure mechanisms and 

impact responses. 

• Static experiments on concrete demonstrate that as temperature decreases, its 

compressive strength, tensile strength, elastic modulus, and fracture energy 

correspondingly increase. However, with temperature reduction, concrete also 

exhibits increased brittleness, with more visible cracks and spalling becoming 

apparent at low temperatures. 

• As concrete undergoes FT cycles, it experiences progressive mechanical 

performance degradation characterised by microstructural damage, strength 

reduction, and cumulative material fatigue. 

Based on the above summaries, some issues and suggestions are elaborated for further 

research: 
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• Due to unavailability of experimental data in open literature, the ground shock 

caused by explosion could be calculated by using the empirical formula from 

TM5-855-1. However, the empirical formula was not applicable when the scale 

distance was less than 0.4 m/𝑘𝑔1/3. According to the relevant regulations on the 

buried depth of pipelines in Australia, the range was 300 mm to 1800 mm. The 

impact value calculated in this way had a large error. Therefore, more accurate 

results needed to be obtained by numerical simulation or experimental methods. 

• Understanding the dynamic mechanical properties of concrete at cryogenic 

temperatures and after FT cycles is critical for accurately predicting and 

enhancing the blast and impact resistance of ACLNG storage tanks. By 

developing more precise numerical simulation models and comprehensive 

experimental data, researchers can provide crucial insights into infrastructure 

design, improve safety protocols for LNG facilities, and contribute to the 

development of more resilient construction materials capable of withstanding 

potential impact or blast loading scenarios in challenging environmental 

conditions. 
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Chapter 3. NUMERICAL SIMULATION OF BURIED STEEL 

PIPELINES SUBJECTED TO GROUND SURFACE BLAST 

LOADING 

3.1 Introduction 

Steel gas pipelines are important component in energy sector. Due to its easy accessibility 

and importance, shallow-buried pipelines are becoming targets of intentional attack. 

Therefore, it is urgent to investigate the failure mechanism of buried pipelines subjected 

to ground surface blast loadings and carry out quantitative damage assessment of 

pipelines. The present study performs numerical simulation on the resistance of buried 

pipelines subjected to ground surface explosion. The simulated ground shock propagation 

in the soil medium was validated with technical manual TM5-855-1 as well as 

experimental data. The effects of charge weight, stand-off distance, explosive position 

offset, pipe diameter, pipe wall thickness, buried depth, and steel grade as well as different 

soil types were investigated. It was found that for the grade X70 pipe with the same buried 

depth 760 mm, the cross-sectional flattening ratio under charge weight 227 kg (typical 

sedan bomb) was nearly 544 times greater than the case in 2.3 kg charge weight (typical 

pipe bomb). The flattening ratio decreased 99.9% because of the buried depth increased 

from 300 mm to 1800 mm. The decrease in pipe diameter from 860 mm to 350 mm caused 

89.6% reduction in flattening ratio. The increase in wall thickness from 4.80 mm to 12.7 

mm caused 99.7% decline in flattening ratio. Similarly, it showed the flattening ratio 

decreased 29.3% when the steel grade increased from X42 (yield strength 290 MPa) to 

X80 (yield strength 580 MPa). The blast resistance was the worst when the pipeline was 

buried in clay soil, in which the flattening ratio was 74.8% and 40.3% greater as compared 

with sandy loam and soil medium. An analytical formula was derived to predict the 

flattening ratio of pipelines against surface explosion.  
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3.2 Numerical model development and validation 

3.2.1 FSI validation 

3.2.1.1 Material model and properties 

The air model is commonly simulated by MAT_NULL with EOS 

LINEAR_POLYNOMIAL, which defines the pressure of air by the following equation 

[141]: 

𝑝 = 𝐶0 + 𝐶1µ + 𝐶2µ2 + 𝐶3µ3 + (𝐶4 + 𝐶5µ + 𝐶6µ2)𝐸        (3.1) 

where 𝑝 stands for air pressure; 𝐶0-𝐶6are the constant coefficients; µ=ρ/𝜌0-1, in which ρ 

and 𝜌0 are the current density and reference density; E is the initial energy of reference 

specific volume per unit. Air is modelled by an idea gas, which can be achieved by setting 

𝐶0=𝐶1=𝐶2=𝐶3=𝐶6=0, and 𝐶4=𝐶5=γ-1. The following equation provides the idea gas 

pressure: 

                   𝑝 = (𝛾 − 1)
𝜌

𝜌0
𝐸                                (3.2) 

where γ is the ratio of specific heats, 𝜌0is air density. In the simulation, γ=1.4,  𝜌0=1.225 

kg/𝑚3 and 𝐸 is 2.5× 105 J/𝑚3. 

High explosive TNT is simulated by MAT_HIGH_EXPLOSIVE_BURN with Jones-

Wilkins-Lee (JWL) EOS to describe the pressure generated by chemical explosive, which 

can be expressed as: 

  𝑃 = 𝐴(1 − ω/𝑅1𝑉)𝑒−𝑅1𝑉 + 𝐵(1 − ω/𝑅2𝑉)𝑒−𝑅2𝑉 + 𝜔𝐸/𝑉             (3.3) 

where P indicates the hydrostatic pressure; V is the initial relative volume; E is the internal 

specific energy; A, B, 𝑅1, 𝑅2 and ω are equation coefficients regarding explosive. The 

material properties and the parameters of EOS for TNT are given in Table 3.1. 
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Table 3.1 Material properties and EOS for TNT [142]. 
Parameter Value 
𝜌0 (kg/𝑚3) 1603 
𝑣0 (m/s) 6930 
𝑃𝐶𝐽 (GPa) 21 
𝐴 (GPa) 371.2 
𝐵 (GPa) 3.231 
𝑅1  4.5 
𝑅2 0.95 
ω 0.3 
𝐸0 (J/𝑚3) 7 × 109 

Soil is modelled by MAT_SOIL_AND FOAM, which was a relatively simple material 

model  developed by Krieg [143]. This model is suitable for defining the soil of which 

the yield stress is low and the behaviour of soil is similar to fluid [144]. There is no strain 

hardening on the surface for this model [145]. The deviatoric perfectly plastic yield 

function, 𝜙, and the second invariant 𝐽2 can be described as: 

𝜙 = 𝐽2 − [𝑎0 + 𝑎1𝑝 + 𝑎2𝑝2]                             (3.4) 

where  

𝐽2 =
1

2
𝑠𝑖𝑗𝑠𝑖𝑗                (3.5) 

On the yield surface 𝐽2 =
1

3
𝜎𝑦

2, and the uniaxial yield stress 𝜎𝑦 is defined as: 

𝜎𝑦 = √3(𝑎0 + 𝑎1𝑝 + 𝑎2𝑝2)              (3.6) 

where 𝑎0 = 𝑎1 = 0  and 𝑎2 =
1

3
𝜎𝑦

2  to eliminate the dependence of yield strength on 

pressure. 

In this study, wet sandy clay is selected and the parameters are based on [146] (listed in 

Table 3.2), where ρ is mass density of soil; G is shear modulus; Ku is bulk modulus; 

𝑎0,𝑎1,and 𝑎2 are the yield function constants for plastic yield function and 𝑃𝑐𝑢𝑡 is the 

pressure cut-off for tensile fracture [141]. 
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Table 3.2 Material properties of soil model. 
Parameter Value 
ρ (kg/m3) 1760 
G (MPa) 11.8 
Ku (MPa) 107.5 
𝑎0 0 
𝑎1 0 
𝑎2 0.6 
𝑃𝑐𝑢𝑡(MPa) 0 

 

3.2.1.2 Finite element model of XYZ 

A 1/4 symmetrical FE model was established by LS-DYNA with an air domain of 2 m × 

2 m × 1.5 m and soil domain of 2 m × 2 m × 4 m, as shown in Figure 3.1. The explosive 

was positioned on the ground surface. The element size was 15 mm. The model was 

symmetrical to XZ and YZ planes where symmetric boundaries were used. The non-

reflecting boundaries were applied on the top surface, bottom surface and two lateral 

surfaces to minimize the stress wave reflection. 

In the present study, an ALE multi-material was employed to air, soil and explosive,  

which was advantageous in the analysis of large deformation problems and avoid 

seriously distorted of mesh [147]. Moreover, with the aid of a fluid structure coupling 

algorithm that adheres to the conservation of mass, momentum, and energy, the ALE 

approach can simulate the fluid-structure interface (FSI)  [148]. 

INITIAL_VOLUME_FRACTION_GEOMETRY was applied for spherical TNT with 

charge weight 227 kg which was sedan car bomb  [149]. DATABASE_TRACER was 

applied to catch the soil pressure in various depth. 
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Figure 3. 1 Quarter of ground surface explosion geometrical model. 

3.2.1.3 Model validation 

Propagation of blast waves in the soil during a 227 kg TNT ground surface explosion is 

shown in Figure 3.2. The results revealed that the explosion shock wave propagated to 

the soil in the form of hemispherical wave and created a crater on the surface of ground. 

A crater was evident on the perimeter of the explosion centre. Figure 3.3 displays the time 

history of shock load at different depths of soil. The results indicated that ground shock 

pressure decays rapidly after reaching to peak. With the increase in propagation depth, 

the ground shock peak pressure attenuated significantly. 

 

Figure 3. 2 Blast waves propagation in soil under ground surface explosion. 
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Figure 3. 3 Ground shock pressure time history at varying depth. 

The ground shock peak pressure has been forecasted using the US Army Corps of 

Engineers Manual (TM5-855-1) at various soil depths, and Equation (2.1) was introduced 

in Section 2.1.2. 

Table 3.3 presents the different seismic velocity, acoustic impedance as well as 

attenuation coefficients with different soil types. Type 5 was similar to represent 

numerical model soil type. Figure 3.4 demonstrates the differences in peak pressures 

between simulation results and TM5-855-1 in different scaled distances. TM5-855-1 is 

applicable to the case where the scaled distance is greater than 0.4 m/kg1/3, however, it 

cannot predict the ground shock peak pressure precisely when the scaled distance is 

smaller than 0.4 m/kg1/3 [53]. It was evident that the numerical simulation results are 

almost consistent with semi-analytical results. The differences between these two results 

may be attributed to the different positions of explosive relative to ground level causing 

energy dissipation in air [148].  
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Table 3.3 Soil parameters for calculating ground shock [52]. 
 Soil type Seismic 

Velocity, c (fps) 
Acoustic 

Impedance, 𝜌𝑐 
(psi/fps) 

Attenuation 
coefficient, n 

1 Loose, dry sands and gravels 
with low relative density 

600 12 3-3.25 

2 Sandy loam, loess, dry sands, 
and backfill 

1,000 22 2.75 

3 Dense sand with high relative 
density 

1600 44 2.5 

4 Wet sand clay with air voids 
(>4%) 

1,800 48 2.5 

5 Saturated sandy clays and 
sands with small amount of 
air voids (<1%)  

5,000 130 2.25-2.5 

6 Heavy saturated clays and 
clay shales  

>5,000 150-160 1.5 

 

Figure 3. 4 Ground shock peak pressure attenuation comparison between simulation 
results and TM5-855-1. 

3.2.2 Pipe material validation 

3.2.2.1 Pipe material model for X70 steel 

The material model JOHNSON_COOK is used to define pipe material X70 with 

GRUNEISEN EOS. This model is suitable for a wide range of strain rates, which can 

consider strain hardening, strain rate hardening and thermal softening of materials at the 

same time [150]. The flow stress is defined as: 
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   𝜎𝑦 = [𝐴 + 𝐵(𝜀
𝑝

)
𝑛

] [1 + 𝐶 ln 𝜀̇∗][1 − (𝑇∗)𝑚]           (3.7) 

where A stands for yield stress; B is strain hardening; C is strain rate sensitivity; n is strain 

hardening exponent; m is temperature softening coefficient; 𝜀𝑝represents effective plastic 

strain; 𝜀̇∗ is effective strain and  𝑇∗is homologous temperature. 

Johnson Cook failure model uses cumulative damage to consider the failure of materials 

and does not consider the impact of damage on material strength. The stress and strain 

are taken as zero when the damage degree reaches the critical value. The damage 

parameter D can be defined by: 

     𝐷 = ∑
∆𝜀𝑝

𝜀𝑓
                                               (3.8) 

The value of D ranges between 0 to 1, when D = 1, material fracture occurs. In Equation 

(3.8), ∆𝜀𝑝 is equivalent plastic strain increment in one-time step and 𝜀𝑓 is effective failure 

strain which can also be written as: 

  𝜀𝑓 = [𝐷1 + 𝐷2 exp (𝐷3
𝜎𝑚

𝜎𝑒𝑞
)] [1 + 𝐷4 ln 𝜀̇∗][1 + 𝐷5𝑇∗]     (3.9) 

where 𝐷1 to 𝐷5 are the failure model constants of material, 𝜎𝑚 and 𝜎𝑒𝑞 represent mean 

stress and equivalent stress, respectively. The parameters of X70 pipeline are: density ρ 

= 7,850 kg/𝑚3, Poisson’s ratio = 0.3, Young’s modulus 𝐸𝑃 = 210 GPa, A = 560 MPa, B 

= 510 MPa, C = 0.0044, n= 0.48 [40]. 𝐷1 to 𝐷5 are equal to 0.01, 3.1, -1.4, 0 and 0, 

respectively [151]. 

The GRUNEISEN EOS is utilised for steel model, which can define the pressure of the 

material under compression as: 

 𝑃 =
𝜌0𝐶2𝜇[1+(1−

𝛾0
2

)𝜇−
𝑎

2
𝑢2

[1−(𝑆1−1)𝜇−𝑆2
𝜇2

𝜇+1
−𝑆3

𝜇2

(𝜇+1)2]2
+ (𝛾0 + 𝑎𝜇)𝐸         (3.10) 
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and for the pressure when the material expands as: 

    𝑃 = 𝜌0𝐶2𝜇 + (𝛾0 + 𝛼𝜇)𝐸                                 (3.11) 

where C is the intercept of the curve (𝑢𝑠-𝑢𝑝) regarding shock velocity; 𝑆1, 𝑆2, 𝑆3 are the 

coefficients of (𝑢𝑠-𝑢𝑝) curve slope; 𝛾0 is the constant; E is internal energy of denotes 

and 𝜇 is volume change rate which is equal to 𝜌

𝜌0
− 1 (ρ and 𝜌0 are material density and 

initial material density, respectively). The GRUNEISEN equation of state parameters: 

C=4569 m/s, 𝑆1=1.49, 𝑆2=0, 𝑆3=0, 𝛾0=2.17, α = 0.46 [152]. 

3.2.2.2 Finite element model of XYZ 

The model was established based on the experimental investigation by Song et al. [40]. 

The explosive was placed on the top surface of the X70 steel pipeline. In this study, the 

full finite element models were developed in LS-DYNA with dimension of 4 m × 2 m × 

2.5 m in X, Y, Z directions (shown in Figure 3.5). The model consists of three parts with 

air, explosive and X70 steel pipeline. The total length L of pipeline is 3 m, diameter ϕ is 

1.016 m and wall thickness δ =0.0262 m. The mesh size for air and X70 steel pipeline 

were 10 mm and 5 mm, respectively, which can be more efficiency and accuracy 

according to the convergence study from He et al. [153]. 

The air and explosive were modelled by Arbitrary Lagrangian-Eulerian (ALE)_ 

MULTI_MATERIAL_GROUP, while the pipeline was developed by Lagrangian mesh. 

The pipeline was meshed with shell element, and 

CONSTRAINED_LAGRANGE_IN_SOLID was utilised for coupling ALE multi-

material group and pipeline interaction.  

INITIAL_VOLUME_FRACTION_GEOMETRY was applied for rectangular box 

explosives with charge weight 5 kg and 10 kg, which contact area was 0.25 m × 0.2 m 



 
 

55 
 

according to Song et al. [40]. For the entire model, the top, bottom, and four lateral faces 

all used the non-reflecting boundary. Three groups of mesh size sensitivity tests have 

been done, including the first group with 1 mm steel pipe and 5 mm air; the second group 

with 5 mm steel pipe and 10 mm air; the third group with 10 mm steel pipe and 15 mm 

air (the magnitude of the charge weight was 5 kg for all trials). Compared with 

experimental data from Table 3.4, the differences for the length of axially directed tear 

and circumferentially directed between experimental data and simulation results were 

0.34% and 0.00% for group 1, -4.14% and 0.48% for group 2, 10.34% and 14.29% for 

group 3, respectively. As can be seen from Figure 3.6, although group 1 may get a more 

precise result, the simulation time for group 1 was approximately 1 time and 10 times 

greater than groups 2 and 3. To balance the accuracy and computational cost, the element 

mesh size with the second group was chosen.   

 
Figure 3. 5 Finite element model for X70 steel pipeline material calibration. 
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Figure 3. 6 Mesh convergence results of length of tear and simulation time. 

3.2.2.3 Model validation 

The results of both numerical simulation and experimental test [40] are shown in Figures 

3.7 and 3.8. The deformation for the top side of the pipeline in both two scenarios are in 

good accordance with the experimental results. On the upper side of the pipeline, the 

distortion had an almost rectangular shape. In addition to this, a comparison between the 

numerical and experimental results with respect to local pitting length for both axial and 

circumferential direction are listed in Table 3.4. The errors in the axial and circumferential 

directions between the numerical and experimental data were approximately 4.14% and 

-0.476%, respectively when the charge weight was 5 kg. While the errors in the axial and 

circumferential directions were about 3.45% and 8.57%, respectively with 10 kg TNT. It 

could be clearly seen that the numerical results were consistent with the experimental 

measurements. The pipe material model for X70 steel can be utilised to investigate the 

response of buried pipelines against blast loadings.  
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Figure 3. 7 Deformation of X70 pipeline with 5 kg TNT. 

 

 

Figure 3. 8 Deformation of X70 pipeline with 10 kg TNT. 
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Table 3.4 Comparison of numerical and experimental results in relation to pipeline 
damage area on length of local pitting on different directions. 
Numerical 
Test Trial Numerical results (m) Experimental results (m) Error (%) 

 
Axial 

direction 
Circumferential 

direction 
Axial 

direction 
circumferential 

direction 
Axial 

direction 
Circumferential 

direction 
5 kg TNT 0.302 0.209 0.290 0.210 4.14 -0.476 
10 kg TNT 0.300 0.228 0.290 0.210 3.45 8.57 

 

3.3 Buried steel pipeline response to blast loads 

3.3.1 Material properties 

Table 3.5 and Table 3.6 display the input data for different soil types and the material 

properties in various steel types, respectively. The alphabet prior to the two digital number 

stood for the condition of manufacturing and chemical and physical properties, while the 

two digital number represented the minimum yield strength of that pipeline in 000’s psi 

to this grade [9]. 

Table 3.5 Input parameters of backfilled soil. 
Parameter  Sandy loam 

[154] 
Soil medium 

[155] 
Clay soil 

[156] 
ρ (kg/m3)  1255 1762 1963 
G (MPa)  1.724 24 2.524 
Ku (MPa)  5.516 142 4673 
𝑎0  0 0.34 0.001 
𝑎1  0 0.7 0.0049 
𝑎2  0.8702 0.3 0.0079 
𝑃𝑐𝑢𝑡(MPa)  0 0 -0.005 

 

Table 3.6 Material properties in different types of steel pipelines [9, 157, 158]. 
Parameter API X42  API X52  API X65  API X80  
Poisson’s ratio 0.3 0.3 0.3 0.3 
Elastic modulus 
(GPa) 

210 210 210 206.04 

Yield strength 
(MPa) 

290 360 500 580 

Tensile strength 
(MPa) 

415 460 535 674 
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3.3.2 Finite element model 

A half model was established in LS-DYNA with dimensions 6.5 m × 2.5 m × 3 m in X, 

Y, Z directions in the present study as shown in Figure 3.9. The total length L of X52 

pipeline is 12 m with diameter ϕ 660 mm, wall thickness δ 5.56 mm and buried cover 760 

mm in sandy loam. The pipeline was modelled by Lagrangian mesh, while air, soil and 

explosive were applied by ALE multi material. 

CONSTRAINED_LAGRANGE_IN_SOLID was employed for soil-structure 

interaction. 

INITIAL_VOLUME_FRACTION_GEOMETRY was applied for spherical explosives 

with charge weight 23 kg. The explosive was located above the crown of the pipeline on 

the ground surface. The model was symmetrical to YZ plane. The non-reflecting 

boundaries were applied on the top surface, bottom surface and three lateral surfaces.  

 

Figure 3. 9 Schematic view of buried pipeline subjected to blast loadings. 
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3.4 Results and discussion 

Based on the model established in Section 3.2, the parametric analysis was developed 

herein to study the surface explosion induced dynamic response of steel pipelines with 

different parameters. In this section, the investigated parameters included internal 

pressure, charge weight, detonation height, explosive offset, pipe diameter, pipe wall 

thickness, buried cover, and steel grade as well as different soil types. All the parametric 

data was based on the Dampier to Bunbury natural gas pipeline system in Western 

Australia (see Appendix D) [159]. 

3.4.1 Internal pressure 

To evaluate the behaviour of pipelines in various internal pressure, internal pressures of 

0, 1.50, 2.50, 4.50 and 12.0 MPa were considered, and a uniformly distributed pressure 

was added on the inner surface of the pipeline.  

The deformed shape and the effective plastic strain for the X52 pipeline with various 

internal pressures under 23 kg TNT explosion are shown in Figure 3.10. It was obvious 

that the maximum deformation point and the maximum equivalent strain were located on 

the crown of the pipeline. In addition, the increase in internal pressure caused the lower 

deformation of cross section.  

Ovalisation is one of the most important mechanical response features for pipe structures. 

The critical flattening of pipelines can be determined by analytical methods or physical 

test, based on the Canadian standard and regulation CSA Z662: Oil & Gas Pipeline 

Systems [160]. According to Gresnigt [161], cross-sectional flattening of pipelines is 

equal to the ratio between the outer diameter of the pipeline (D) and the change in outer 

diameter (∆𝐷), and the maximum allowable ovalisation factor is 0.15. Figure 3.11 shows 

the cross-sectional flattening of the pipeline in various internal pressures. The flattening 

https://www.researchgate.net/profile/Am-nol-Gresnigt?_sg%5B0%5D=s0DGyWOAfOp-3e3MuLuPiCIi874y4ucCq-hKoTExGnxr9c6GhmZRzhpLTczTv7EU3hCiaks.SlH27McqFR5zq_cNLTXrrbxkD2yI1uqsy_0K3KbEectMOYC7cSfqhd_aXdpDwgPv3bdbDHa23UXxH-qiWFgbhQ&_sg%5B1%5D=A-nSzJ7tzAcj7pVIQjvEnLqcCX504drrBSujuQCnwDcQsPSf2nuXdXj_E6rn0XpqmLLkPpw.YDp8pNt3RmFnI_P7NjHDmO0wg51Fuv-UihUW54iVERGXtdfVqDD3NUwonhcc9B0KNljn5Mm27x-rFU8XLxghJw
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ratios of steel pipelines under 0, 1.50, 2.50, 4.50 and 12.0 MPa internal pressure were 

0.199, 0.167, 0.060, 0.015 and 0.005, respectively. The increase in internal pressure 

results in a lower cross-sectional flattening ratio of pipelines. However, the numerical 

simulation results obtained by this method were not conservative. When the internal 

pressure increases from 0 to 12.0 MPa, the flattening ratio decreased 97.5%. Differences 

in simulation findings were caused by an increase in internal pressure. Therefore, to get 

much more conservative and safe results, the internal pressure of the pipeline was set to 

0 MPa in the subsequent parameter analysis. 

 

Figure 3. 10 Deformed shape and effective plastic strain of pipelines in different 
internal pressures. 

 

Figure 3. 11 The flattening of pipeline in various internal pressures. 
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3.4.2 Charge weight 

To explore the effect of charge weight for buried pipelines subjected to ground surface 

explosion, five different charge weights were tested, including 2.3 kg, 4.5 kg, 23 kg, 50 

kg and 227 kg. The magnitude of charge weight that investigated was based on equivalent 

TNT of typical pipe bomb, briefcase bomb and compact sedans [162]. All of the tested 

specimens were buried in sandy loam with the length of 6 m (half model), ϕ = 660 mm, 

wall thickness δ = 5.56 mm and buried cover 760 mm. The plastic strain distribution with 

different angles for the cross section and the cross-sectional flattening of pipelines are 

presented in Figure 3.12 (a) & (b), respectively. The maximum effective plastic strain 

typically located on the crown of the pipeline as can be seen from Figure 3.12 (a). The 

flattening of pipeline was 0.948 when the charge weight was 227 kg, which is 1.91 times, 

4.72 times, 103 times, 545 times higher than 50 kg, 23 kg, 4.5 kg and 2.3 kg, respectively. 

Based on the allowable maximum ovalisation criteria from Gresnigt [161], only the cases 

2.3 kg and 4.5 kg were within the allowable flattening ratio.   

(a)  

https://www.researchgate.net/profile/Am-nol-Gresnigt?_sg%5B0%5D=s0DGyWOAfOp-3e3MuLuPiCIi874y4ucCq-hKoTExGnxr9c6GhmZRzhpLTczTv7EU3hCiaks.SlH27McqFR5zq_cNLTXrrbxkD2yI1uqsy_0K3KbEectMOYC7cSfqhd_aXdpDwgPv3bdbDHa23UXxH-qiWFgbhQ&_sg%5B1%5D=A-nSzJ7tzAcj7pVIQjvEnLqcCX504drrBSujuQCnwDcQsPSf2nuXdXj_E6rn0XpqmLLkPpw.YDp8pNt3RmFnI_P7NjHDmO0wg51Fuv-UihUW54iVERGXtdfVqDD3NUwonhcc9B0KNljn5Mm27x-rFU8XLxghJw
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(b)  

Figure 3. 12 Pipeline behaviour caused by various charge weight. (a) Effective plastic 
strain developed in wall and (b) the cross-sectional flattening ratio of pipeline 

 

3.4.3 Detonation height 

To evaluate the effect of stand-off distance, five different groups with 0 mm, 100 mm, 

150 mm, 250 mm and 500 mm were developed in LS-DYNA. The explosive, which 

charge weight was 23 kg, was taken place directly above the pipeline. The length (6 mm 

half model), diameter (660 mm), wall thickness (5.56 mm), steel grade (X52), and buried 

cover (760 mm) as well as the soil type (sandy loam) remained the same. Figure 3.13 (a) 

displays the effective plastic strain of the pipeline around the cross section. It 

demonstrated that when the stand-off distance was 0 mm, the plastic strain was the largest 

of the five. The effective plastic strain was 0.00985 at the crown of the pipeline when the 

stand-off distance was 0 mm at the pipe crown, which was 36.7%, 74.3%, 90.4% and 100% 

higher than the cases with 100 mm, 150 mm, 250 mm and 500 mm stand-off distance, 

respectively. When the stand-off distance was 0 mm, the cross-sectional flattening of the 

pipeline was 0.2, which was 2.8 times, 3.1 times, 5.0 times and 22.7 times greater than 
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that at stand-off distance 100 mm, 150 mm, 250 mm and 500 mm, respectively (see Figure 

3.13 (b)). Based on the failure criteria of ovalisation above, it could estimate that the 

pipeline cannot operate normally when the sand-off distance was 0 mm with 23 kg charge 

weight. 

(a)   

(b)  

Figure 3. 13 Pipeline behaviour caused by different stand-off distances. (a) Effective 
plastic strain developed in wall and (b) the cross-sectional flattening ratio of pipeline 
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3.4.4 Explosive offset 

Explosive offset can also affect the mechanism of pipelines under blast loading. Four 

different explosive offset groups were built up, including 0 m, 0.15 m, 0.30 m and 0.45 

m. Meanwhile, the explosive charge weight (23 kg), the length (6 mm half model), 

diameter (660 mm), wall thickness (5.56 mm), steel grade (X52), and buried cover (760 

mm) as well as the soil type (sandy loam) retained the same. As shown in Figure 3.14 (a), 

the maximum deformation did not occur at the crown of the pipeline when the explosive 

was not directly above the pipe. The increase in offset distance resulted in a decline in 

deformation in the pipe. The flattening ratio was 0.199. 0.173, 0.159 and 0.123 when the 

offset distance was 0 m, 0.15 m, 0.30 m and 0.45 m, respectively. It was obvious that due 

to the increase in offset distance, the flattening ratio decreased progressively (see Figure 

3.14 (b)). With increase in offset distance, the effective plastic strain declined gradually 

(see Figure 3.14 (c)).  

(a)  

(b) (c)   

Figure 3. 14 Pipeline behaviour caused by explosive offset. (a) The cross-sectional 
deformation (b) cross-sectional flattening ratio and (c) effective plastic strain developed 

in wall 
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3.4.5 Pipe diameter 

In this case, five different pipe diameters 350 mm, 450 mm, 550 mm, 660 mm and 860 

mm were considered to evaluate the effect of pipe diameter on mechanical response of 

steel pipelines subjected to ground surface explosion. The pipe wall thickness was 5.56 

mm and the buried cover was 760 mm with sandy loam. The 23 kg TNT was located 

above the pipe crown on the ground surface. The plastic strain peaked on the crown of 

the pipe. When the pipe diameter increased, the effective plastic strain increased. The 

effective plastic strain was 0.01 when the pipe diameter was 860 mm at the crown of the 

pipe, which was 1.05 times, 2.54 times, 2.61 times and 2.87 times greater than that for 

660 mm, 550 mm, 450 mm and 350 mm pipe diameter, respectively. The cross-sectional 

flattening ratio was 0.24, which was 1.23 times, 3.23 times, 4.89 times and 9.64 times 

larger than that for 660 mm, 550 mm, 450 mm and 350 mm pipe diameter, respectively. 

Based on the failure criteria of ovalisation, when the pipe diameter was over 600 mm 

(with the same condition of pipe wall thickness, buried cover, soil types and charge 

weight), the pipeline was considered as structural failure at this time (see Figure 3.15 (b)). 

(a)   
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(b)  

Figure 3. 15 Pipeline behaviour caused by different pipe diameters. (a) Effective plastic 
strain developed in wall and (b) the cross-sectional flattening ratio of pipeline 

 

3.4.6 Pipe wall thickness 

Pipe wall thickness was also important when analysing the mechanism of buried steel 

pipelines under blast loadings. Pipe wall thickness was set as 4.80 mm, 5.56 mm, 7.92 

mm, and 8.7 mm as well as 12.7 mm in this section. The diameter of the pipe was 660 

mm, buried cover was 760 mm, the steel grade was X52 and the magnitude of TNT was 

23 kg in this case. As can be seen from Figure 3.16 (a) & (b), the decrease in pipe wall 

thickness resulted in a higher effective plastic strain on the pipe wall and a higher cross-

sectional flattening ratio of pipelines. The effective plastic strain was approximately 0.03, 

which was 2.44 times, 2.89 times, 3.33 times and 8.48 times higher than that for 5.56 mm, 

7.92 mm, 8.7 mm and 12.7 mm pipe wall thickness, respectively. The flattening ratio was 

0.30 when the pipe wall thickness was 4.80 mm, which was 1.50 times, 2.50 times, 5.45 

times and 38.07 times greater than that for 5.56 mm, 7.92 mm, 8.7 mm and 12.7 mm pipe 

wall thickness, respectively. Based on the failure criteria of ovalisation, when the pipe 

wall thickness was over 7.00 mm (with the same condition of pipe diameter, buried cover, 
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soil types and charge weight), the pipeline can retain normal operation (see Figure 3.16 

(b)).  

(a)  

(b)  

Figure 3. 16 Pipeline behaviour caused by different pipe wall thickness. (a) Effective 
plastic strain developed in wall and (b) the cross- sectional flattening ratio of pipeline 

3.4.7 Buried depth 

In this section, the effect of buried depth was investigated based on AS/NZS 2885:2018 

Pipeline－Gas and liquid petroleum [163] and ATCO [13], which stated that the depth 

of burial pipeline cover ranged from 300 mm to 1800 mm in Australia in order to access 

in emergency situation. Therefore, the buried depth of pipelines was set as 300 mm, 760 

mm, 900 mm, 1200 mm and 1800 mm. The diameter of the pipe was 660 mm, the wall 
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thickness was 5.56 mm and the steel grade was X52 in this case. The magnitude of TNT 

was 23 kg, which was located directly above the pipeline on the ground surface. With the 

increase in buried depth of pipes, the effective plastic strain distribution diminished 

significantly (see Figure 3.17 (a)). The effective plastic strain was 0.06 when the buried 

cover was 300 mm at the pipe crown, which was 83.5%, 94.2%, 98.6% and 100% higher 

than buried depth with 760 mm, 900 mm, 1200 mm and 1800 mm, respectively. The 

cross-sectional flattening of pipes was 0.743 when the buried depth was 300 mm, which 

approximately 5.0 times exceeded the maximum allowable ratio of ovalisation. The 

flattening ratios were 0.20, 0.075, 0.018 and 7.6E-5 when the buried depth was 760 mm, 

900 mm, 1200 mm and 1800 mm, respectively. 

(a)  
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(b)  

Figure 3. 17 Pipeline behaviour caused by various buried depths. (a) Effective plastic 
strain developed in wall and (b) the cross-sectional flattening ratio of pipeline 

3.4.8 Steel material  

Steel material was another important factor that affected the mechanical response of 

buried pipelines due to ground surface explosion. Five different steel material API X42, 

X52, X65, and X70 as well as X80 were explored with the same pipe diameter 660 mm, 

pipe wall thickness 5.56 mm, and buried depth 760 mm as well as the same soil type 

sandy loam under 23 kg TNT explosion. Different steel grades had different material 

properties (see Table 3.6). Due to the lower minimum yield of X42 steel, it demonstrated 

that the effective plastic strain was the highest of the five (see Figure 3.18 (a)). At the 

same time, the cross-section flattening ratio was 0.215, which was 1.08 times, 1.11 times, 

1.33 times and 1.41 times greater than that for X52, X65, X70 and X80 steel, respectively 

(see Figure 3.18 (b)). The higher the steel grade, the lower cross-sectional flattening of 

the pipe. When the steel grade was X80, the flattening ratio was 0.15, which reached the 

maximum allowable ovalisation value, while the rest of the groups were considered as 

failures during the operation.  
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(a)  

(b)  

Figure 3. 18 Pipeline behaviour caused by various steel grades. (a) Effective plastic 
strain developed in wall and (b) the cross-sectional flattening ratio of pipeline 

3.4.9 Soil types 

The behaviour of the buried pipelines against ground surface explosion was also affected 

by different soil types. Three different soil types including sandy loam, soil medium and 

clay soil were considered in this case. The material properties such as soil density, shear 

modulus and bulk modulus for different soil types are listed in Table 3.5. Pipe diameter, 

wall thickness, buried depth, steel grade and charge weight were 660 mm, 5.56 mm, 760 

mm, X52 and 23 kg, respectively. The clay soil demonstrated the highest effective plastic 

strain compared with soil medium and sandy soil, which was approximately 0.0775 (see 

Figure 3.19 (a)). This phenomenon was ascribed to the different water content for soil. 
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According to Wang et al, [49], the peak pressure and particle velocity in saturated soil 

were higher than those in unsaturated soil and the wave propagation speed in saturated 

soil was faster than that in unsaturated soil because of the deformation mechanism and 

three-phase soil structure. The cross-sectional flattening ratio was 0.35, which was 1.41 

times and 1.76 times greater than that for soil medium and sandy loam, respectively (see 

Figure 3.19 (b)). All of three specimens were over the allowable ovalisation criteria, and 

clay soil was the worst. It could be inferred that different moisture contents in soil, soil 

density and other factors such as shear modulus and bulk modulus may aggravate the 

deformation of the pipeline, thus affecting the normal operation of the pipeline. 

(a)  
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(b)  

Figure 3. 19 Pipeline behaviour caused by different soil types. (a) Effective plastic 
strain developed in wall and (b) the cross-sectional flattening ratio of pipeline 

3.5 Derivations of the empirical formula 

To predict whether the pipeline structure was failure or not, an empirical formula was 

derived based on the simulation results above: 

𝑓 = 3.98 (
𝑊

1000
) − 4.94 (

𝑆

10000
) − 3.95 (

𝐷𝑏𝑑

10000
) + 2.73 (

𝜙

10000
) − 3.09 (

𝛿

100
) −

1.89 (
𝜎

10000
) − 1.04 (

𝜌

10000
) + 1.20 (

𝐺

1000
) + 4.52 (

𝐾𝑢

100000
) + 0.606                         (3.12) 

where 𝑓 is the cross-sectional flattening ratio of pipeline; 𝑊 stands for the magnitude of 

charge weight in kg; 𝑆 is the stand-off distance in mm; 𝐷𝑏𝑑 represents the buried depth 

of pipe in mm; 𝜙  is pipe diameter in mm;  𝛿  is pipe wall thickness in mm;  𝜎  is the 

minimum yield strength for different steel grade in MPa ; while 𝜌, 𝐺 and 𝐾𝑢 are the soil 

properties, which stand for soil density (kg/m3), shear modulus in MPa and bulk modulus 

in MPa, respectively. 

The equation is applicable in cases in the following constraints: 2.3 < 𝑊 < 227 kg, 0 <

𝑆 < 500 mm, 300 < 𝐷𝑏𝑑 < 1800  mm, 350 < 𝜙 < 860  mm, 4 < 𝛿 < 12.7  mm, 
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290 < 𝜎 < 580  mm, 1255 < 𝜌 < 1963  kg/m3, 1.724 < 𝐺 < 24  MPa and 5.516 <

𝐾𝑢 < 4673 MPa.  

Randomly select different values within the above range for different parameters and 

calculate the estimated flattening ratio of pipeline by using Equation (3.12). Figure 3.20 

compares the numerical simulation data and the outcomes of the empirical formula. As 

can be observed, the curves and data match up well (R2=0.76). Therefore, the flattening 

ratio of underground pipelines exposed to group surface explosion can be better predicted 

using this empirical formula. 

 

Figure 3. 20 Comparison of predicted flattening ratio to numerical results. 

3.6 Limitations 

Despite the comprehensive nature of this investigation, several limitations should be 

acknowledged. The empirical formula (Equation 3.12) is constrained to specific 

parameter ranges. The model primarily evaluated cross-sectional ovalisation as the failure 

criterion but did not account for alternative failure modes such as fracture propagation or 

joint failures. The simulation excludes aging effects, pre-existing damage, environmental 
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factors (temperature variations, groundwater conditions), and interactions between 

multiple pipelines or with other underground infrastructure. While the model 

demonstrated good correlation with experimental data within the tested range, full-scale 

field validation across all parameter combinations remains outstanding. Future research 

should address these limitations to enhance the robustness and applicability of the 

findings. 

 

3.7 Summary 

Steel gas pipelines play a very important role in urban energy distribution. Ground surface 

explosion is a main threat for urban buried steel pipelines. The behaviour of buried steel 

pipelines subjected to ground surface explosion was investigated in the present study. 

Failure criteria based on ovalisation were discussed. Parametric study was conducted to 

evaluate the effect caused by different factors, including charge weight, stand-off 

distance, pipe diameter, pipe wall thickness, buried cover, and steel grade as well as 

different soil types. The following inferences are made in light of this study: 

• With increase in the internal pressure on the inner surface of the pipe, the damage 

of the pipe decreased in a certain extent. To get much more conservative results, 

the internal pressure was set as 0 in the present study.  

• The maximum plastic strain and the maximum deformation were always located 

on the crown of the pipe if the explosive was taken place directly above the 

pipelines. The higher plastic strain distributed on the pipe, the more significant 

cross-sectional flattening ratio of the pipe. 

• With increase in TNT magnitude and pipe diameter, the effective plastic strain 

distributed on pipe wall and flattening ratio increased. That means, buried 
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pipelines were much more dangerous when increasing the charge weight and pipe 

diameter. 

• With increase in stand-off distance, pipe wall thickness and buried depth, the 

effective plastic strain distributed on pipe wall and flattening ratio declined.  

• Due to the different steel properties such as the minimum yield strength and tensile 

strength for different steel grade, the plastic strain distribution and cross-sectional 

flattening ratio may be different. API X80 had a better performance against blast 

loadings, comparing with X42, X52, X65 and X70 when other parameters 

remained the same. 

• Different soil types affected the mechanical response of buried pipelines subjected 

to blast loading, which was caused by different properties of soil such as moisture 

content, soil density, and shear modulus as well as bulk modulus. 

• An empirical formula was established to predict the cross-sectional flattening ratio 

of the pipeline for further safety assessment and serviceability. 
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Chapter 4. EXPERIMENTAL STUDY ON DYNAMIC BEHAVIOUR 

OF NORMAL STRENGTH MORTAR AT CRYOGENIC 

TEMPERATURES AND AFTER FREEZE-THAW CYCLES 

4.1 Introduction 

Concrete structures employed for the storage of LNG currently undergo temperature as 

low as -170 ℃. These critical engineering structures may also experience dynamic loads 

such as impact or explosion during service life. Therefore, it is crucial to explore the 

mechanical response of concrete at intermediate to high strain rates together with low 

temperatures or cryogenic FT cycles. This chapter presents experimental research into the 

combined effects of low temperatures and strain rate on normal strength mortar, providing 

a preliminary analysis of the dynamic performance of concrete at low and cryogenic 

temperatures. A Split Hopkinson Pressure Bar (SHPB) device was used to investigate the 

characteristics of dynamic compression (at strain rates of 40, 80, 120 and 160 s-1) and 

dynamic split tension (at strain rates of 20, 40, 60 and 80 s-1) of Normal Strength Mortar 

(NSM) at different low temperatures. In addition, the dynamic compression (at strain rates 

of 80, 130 and 180 s-1) after cryogenic FT cycles was also explored. The findings revealed 

that the failure pattern of NSM samples exposed to coupled low temperature or cryogenic 

FT cycles and high strain rate loading notably varied from that observed under room 

temperature condition. Both the dynamic compressive and split tensile strengths of NSM 

increased with the strain rates at all temperatures. At -160 °C, the dynamic compressive 

and splitting tensile strengths of NSM specimens were greater than those at room 

temperature (by 10.94% and 28.29%, respectively) and -70 °C (by 3.13% and 4.12%, 

respectively). Cryogenic freeze-thaw cycles evidently impacted the material static and 

dynamic performance. An empirical model was developed to predict the dynamic 
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increase factors (DIFs) for both dynamic compression and splitting tensile strengths of 

NSM at low/cryogenic temperatures and after freeze-thaw cycles. Scanning electron 

microscopy (SEM) technique was performed to study and comprehend the microscopic 

processes and microstructural changes after FT cycles.   

4.2 Details of experiment 

4.2.1 Materials and specimen preparation 

The mix proportion of NSM employed in this experiment is presented in Table 4.1. The 

particle size distribution of the sand used in this study is illustrated in Figure 4.1 and the 

sand passed through a 4.75 mm sieve. The physical and chemical properties of cement 

and coal ash are listed in Table 4.2. Polycarboxylate ether-based superplasticiser was 

utilised in mixtures to improve the flowability and workability of mortar. The mixture 

was poured into the Polyvinyl Chloride (PVC) tube mould with inner diameter of 70 mm. 

Following initial curing at room temperature (20 ± 2 °C) for 24 hours, the cylindrical 

specimens were taken out of the PVC tube. After a curing period of 28 days, the 

specimens were grounded flat on both ends to ensure uniform stress distribution during 

SHPB testing. The dimensions of the specimen in the dynamic experiment were 70 mm 

in diameter and 35 mm in height, which is depicted in Figure 4.2. 

Table 4. 1 Mix composition of NSM (kg/m3) 

Cement Water Coal ash Superplasticizer Sand 
893 370 70 3 850 
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Table 4. 2 Chemical composition and physical properties of Portland cement and coal 
ash. 

Materials Oxide composition % by weight Physical properties 
 CaO SiO2 Al2O3 Fe₂O₃ MgO SO3 K2O Na2O Specif

ic 
gravit
y 

Avg. 
particle 
size (mm) 

Cement 63.43 18.51 5.81 3.45 2.37 3.14 0.52 0.45 3.13 0.1 
Coal ash  4.73 55.12 25.56 9.28 1.51 0.55 0.89 1.50 2.27 0.05 

 

Figure 4. 1The sieving curve of the sand. 

 (a)  (b)  

Figure 4.2 Cylindrical samples after curing (unit: mm). 
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4.2.2 Experimental setup and methodology 

4.2.2.1 Low-temperature test technology 

In this experiment, the dynamic compression and splitting tension performance of NSM 

were investigated at low temperatures of -70 °C and -160 °C. To achieve the desired 

temperature, the specimens were initially placed inside a low-temperature cooling 

chamber (depicted in Figure 4.3(a)). The inner cooling area of the chamber measured 383 

× 228 × 150 mm in length, width and height (as depicted in Figures 4.3(b) and (c)), and 

had the capacity to accommodate 16 specimens simultaneously. Subsequently, the liquid 

nitrogen Dewar valve was opened, and liquid nitrogen (with a temperature of -196 °C) 

was gradually introduced into the insulation box, maintaining a cooling rate of 1 °C per 

minute. The cooling rate could be precisely regulated by a temperature controller, and the 

temperature change inside the low-temperature chamber was monitored and recorded 

(refer to Figure 4.4). Upon reaching the target temperature, it retained constant for 4 hours 

to ensure uniform internal and external temperatures of the specimens [164]. Following 

this, the specimens were expeditiously affixed within the SHPB device to conduct 

dynamic compressive and splitting tensile experiments.  

In terms of the cryogenic FT cycles, specimens were placed in the low-temperature 

chamber with cooling rate 1 °C/min and stayed for 4 hours after reaching the target 

temperature. Subsequently, the specimens were removed from the chamber and stored 

indoors at ambient temperature for 24 hours to ensure complete thawing and thermal 

equilibrium. Herein, one complete FT cycle was defined as the process of cooling the 

specimen from room temperature down to -160 °C and then allowing it to return to room 

temperature. The experiment was conducted by varying FT cycles, specifically 2, 4 and 

8 cycles, to examine the cumulative effects of repeated cryogenic temperature exposure 

on the specimens. 



 
 

81 
 

(a) 

 

(b) 

 
(c)   

 
Figure 4.3 Test setup of NSM at low temperature (a) Cryogenic cooling system (b) 
Front view of low-temperature chamber (c) Top view of low-temperature chamber 

(unit: mm). 

 

Figure 4.4 Temperature controlled and paperless recorder. 

 

4.2.2.2 Static compressive and splitting tensile test of NSM  

The mortar specimens, measuring 70 mm in diameter and 35 mm in height, underwent 

uniaxial compressive and splitting tensile tests to obtain the basic mechanical properties 

at 20, -70, and -160 °C. Similarly, the uniaxial compressive strengths of specimens after 

2, 4 and 8 number of cryogenic FT cycles (from 20 to -160 ℃) were explored. The 

experiments were carried out by utilising a 300-ton hydraulic testing machine, with 
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loading applied at a speed of 0.5 mm/min. For the splitting tensile test, the cylindrical 

specimens were positioned horizontally between the loading surfaces of the compression 

testing machine. A compressive load was applied along the length of the cylinder with 

0.02 mm/min loading rate, diametrically across its width, until the specimen underwent 

failure by splitting vertically along its diameter.  

4.2.2.3 Dynamic compression and splitting tensile test 

The experiment involved different strain rates for compressive and splitting tensile tests: 

40, 80, 120, and 160 s-1 for compression, and 20, 40, 60, and 80 s-1 for splitting tensile 

test at 20, -70, and -160 °C, as well as dynamic compressive test with strain rate 80, 130 

and 180 s-1 after 2, 4 and 8 number of cryogenic FT cycles. Figure 4.5 illustrates the setup 

for dynamic compressive and splitting tensile SHPB tests. The SHPB bar had a diameter 

of 100 mm and a striker bar length of 500 mm. To enhance the rise time of the incident 

wave, a pulse shaper was placed between the striker bar and the incident bar as a 

waveform shaper (refer to Figure 4.6) to facilitate the attainment of a uniform stress state 

within the specimens during dynamic loading, enhancing experimental accuracy and 

reliability. The strain gauges should be installed at a distance at least 10 times of the bar 

diameter from the initial impact point [165]. In this experiment, the strain gauges were 

placed at the midpoint of the bar. Strain gauges captured stress wave pulses throughout 

the testing procedure. Utilising SHPB experimental data, the stress-strain relationship can 

be derived using the equations [166-168] as below.  

 𝜎 =
𝐸𝐴𝑒

𝐴𝑠
(𝜀𝑖 + 𝜀𝑟 + 𝜀𝑡)      (4.1)  

 𝜀(𝑡) = −
2𝐶0

𝐿
∫ 𝜀𝑟(𝑡)𝑑𝑡

𝑡

0
      (4.2)  

 𝜀̇(𝑡) = −
2𝐶0

𝐿
𝜀𝑟(𝑡)      (4.3)  
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where σ is the stress acting at the interface region between the specimen and the loading 

bar; E denotes the elastic modulus of the incident/transmission bars; 𝐴𝑒 and 𝐴𝑠 represent 

the cross-section area of the pressure bar and specimen, respectively. 𝜀𝑖 , 𝜀𝑟 and 𝜀𝑡 are the 

incident, reflected, and transmitted wave pulses, respectively. 𝐶0, 𝐿  and t denote the 

velocity at which the longitudinal wave propagates along the incident/transmission bars, 

the initial length of the specimen and time, respectively.   

Unlike dynamic compressive testing, during dynamic splitting tensile testing, the 

specimen was placed radially, with the incident bar and the transmitting bar gripping the 

two sides of the specimen, respectively. Considering that during the splitting test, a line 

surface contact between the sample and the bar weakened the transmitted wave signal, a 

semiconductor strain gauge with a higher sensitivity coefficient was installed on the 

transmitted bar. Simultaneously, a pair of resistance strain gauges were attached to the 

transmission bar to calibrate the sensitivity coefficient of the semiconductor strain gauges. 

Based on the one-dimensional stress wave theory, stress, strain and strain rate can be 

derived for the SHPB splitting tensile test as follows. 

 𝜎 =
2𝑃(𝑡)

𝜋𝐷𝐿
=

2𝐸𝐴𝑒𝜀𝑡(𝑡)

𝜋𝐷𝐿
     (4.4)  

 𝜀(𝑡) = −
2𝐶0

𝐷
∫ 𝜀𝑟(𝑡)𝑑𝑡

𝑡

0
      (4.5)  

 𝜀̇(𝑡) = −
2𝐶0

𝐷
𝜀𝑟(𝑡)      (4.6)  

where D represents the initial diameter of the specimen and other parameters have 

mentioned above.  
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(a) 

 

(b) 

 

Figure 4. 5 Dynamic testing schematic (a) Compression test (b) Splitting tensile test. 

 

Figure 4.6 Influence of pulse shaper on incident wave. 

During testing, an ultra-high-speed video camera at frame rates of 5 million frames per 

second was utilised to capture the behaviour of concrete samples (see Figure 4.7). The 

ultra-high-speed video camera replicated the failure processes for NSM specimens under 

various temperature and strain rate conditions and provided a wealth of qualitative 

information. By directly observing the damage progression, crack propagation and 

fragmentation patterns, it could gain critical insights that complemented the quantitative 
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data from the mechanical tests. This comprehensive visual documentation, paired with 

the comprehensive mechanical test data, enabled a holistic understanding of the complex 

interactions between temperature, strain rate and the failure mechanisms of concrete 

materials. 

 

Figure 4. 7  High-speed video camera. 

4.3 Experimental results and discussions 

4.3.1 Static compressive and tensile behaviour of NSM 

The results of uniaxial compressive and splitting tensile strength for NSM at 20, -70, and 

-160 °C were determined using static tests in Section 4.2.2.2. The static test results at 

various temperature are listed in Table 4.3. When the testing temperature dropped from 

20 °C to -70 and -160 °C, the compressive strength was almost linearly increased from 

35.26 MPa to 43.19 and 51.76 MPa, with increase of 22.4% and 46.80%, respectively. 

Likewise, as the temperature declined from 20 °C to -70 and -160 °C, the splitting tensile 

strength rose from 2.52 MPa to 2.81 and 3.10 MPa, respectively, rendering an increase of 

11.5% and 23.02%. 67, which declined by 5.7%, 14.6% and 27.28% as compared to the 

room temperature. In terms of static test after cryogenic FT cycles, the uniaxial 

compressive strength was 33.25, 30.11 and 25.64 MPa after 2-, 4- and 8-times FT cycles, 
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which declined by 5.7%, 14.6% and 27.28% as compared to the room temperature (see 

Table 4.4). The uniaxial compressive stress-strain curve of NSM under low temperature 

and after FT cycles is presented in Figure 4.8. 

Table 4. 3 Static test results under low temperature. 

Temperature  
(℃) 

Uniaxial compressive 
strength (MPa) 

Splitting tensile strength 
(MPa) 

20 35.26 2.52 
-70 43.19 2.81 

-160 51.76 3.10 

 

Table 4. 4 Static test results after cryogenic FT cycles. 

Number of FT cycles Uniaxial compressive 
strength (MPa) 

2 33.25 
4 30.11 
8 25.64 

 

(a) (b)  

Figure 4.8 Uniaxial compressive stress-strain curve of NSM. (a)under different low 
temperatures (b) after various FT cycles. 
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4.3.2 Dynamic compressive strength under low temperature 

4.3.2.1 Damage mode of specimens subjected to combined loading  

Under combined loading conditions at temperatures of 20, -70 and -160 °C together with 

strain rates of approximately 40, 80, 120 and 160 s-1, remarkable variations in the damage 

appearance of the specimens were observed, indicating a correlation between temperature 

and strain rate. Figure 4.9 displays the damage forms of NSM at various strain rates under 

temperatures of 20, -70, and -160 °C, respectively. It was evident that the damage 

phenomenon of NSM became more pronounced with rising strain rate, and the crushed 

pieces of damaged concrete gradually decreased in size at the same temperature. The main 

reason for this phenomenon was that the water freeze forming an ice mesh acted as an 

internal reinforcement, helping to resist the propagation of cracks and damage through 

the material. The prestressed state induced by the ice veins can delay or impede the 

initiation and growth of cracks at lower temperatures. The stiffness of the material 

increased at lower temperatures, rendering it more resistant to deformation and damage. 
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38.63 s-1 81.81 s-1 119.30 s-1 159.97 s-1 

(a) at 20 ℃ 

    

42.51 s-1 76.13 s-1 121.11 s-1 160.22 s-1 

(b) at -70 ℃ 

    

39.10 s-1 79.38 s-1 118.88 s-1 158.19 s-1 

(c) at -160 ℃ 

Figure 4. 9 Dynamic compressive failure modes of specimens at different temperatures. 

 

To further elucidate the damage evolution and deformation mechanisms of the specimens 

under combined loading conditions of varying temperatures (20, -70, and -160 °C) and 

strain rates (about 40, 80, 120 and 160 s-1), detailed images of the testing process were 

captured using the ultra-high-speed video camera. Figure 4.10 displays the dynamic 

failure of NSM specimens at temperatures of 20, -70 and -160°C, respectively, along with 

a strain rate of around 80 s-1. As compared to the specimens underwent failure at -70 °C, 
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the longitudinal splitting of specimens experienced failure at 20 °C was more severe. It 

was noteworthy that at -160 °C, the number and depth of cracks were more significant 

and apparent in comparison with room temperature and -70 °C, as shown in Figure 

4.10(c). This phenomenon, combined with Figure 4.9(c), at which the strain rate was 

79.38 s-1, suggested that the stiffness of NSM specimens at -160 °C was high, essentially 

retained the original appearance after the impact, but accompanied by its more brittle 

characteristics. This observation aligned with the conclusions drawn by Yan and Xie 

[114] regarding the low-temperature performance of concrete. In general, when the 

compressive strength of the material rose, the specimen became more brittle. The 

temperature gradually decreased, the compressive strength of the specimen improved, 

thus exhibiting brittleness. 

In fact, concrete at -160 °C was more brittle than at -70 °C owing to the water freeze in 

pores. At -160 °C, more water in the concrete pores froze than at -70 °C. The water-to-

ice phase transition resulted in a volume expansion of around 9% as mentioned above, 

which induced hydraulic pressure and stresses at the ice-pore interfaces [169]. This 

produced damage and cracks in the concrete microstructure, leading to increased 

brittleness. In addition, in accordance with Zhang et al. [169], temperatures of -90 °C and 

lower led to a reduction in the quantity of larger pores and an increase in the quantity of 

smaller pores. This was because the large pores were collapsed or filled due to the inward 

deformation caused by the uneven contraction and expansion between different concrete 

constituents at ultra-low temperatures. The loss of these larger pores rendered the concrete 

more brittle. Furthermore, Jiang et al. [170] stated that thermal expansion mismatch was 

also a main reason causing the  brittleness at lower temperatures. The thermal expansion 

coefficients of the concrete components were different from those of ice. As the 

temperature declined further from -70 to -160 °C, the inconsistent thermal deformations 
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between these materials accumulated, resulting in higher internal stresses and cracking, 

which increased the brittleness. 

(a)  

(b)  

(c)  

Figure 4.10 Compression failure process of specimens under different temperature. (a) 
at room temperature (b) at -70 °C (c) at -160 °C 
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4.3.2.2 Influence of low temperature on the dynamic compressive strength 

Figure 4.11 illustrates stress-strain curves with different strain rate at 20, -70 ℃ and -160 

℃. It revealed a consistent trend wherein the dynamic compressive strength of concrete 

exhibited an upward trajectory as the average strain rate increased. Under room 

temperature conditions, for instance, the dynamic strength of NSM specimens exhibited 

signal enhancements in contrast with those subjected to lower strain rates. Specifically, 

when the strain rate escalated from 40 s-1 to 80, 120 and 160 s-1, the dynamic compressive 

strength experienced increments of 5.27%, 18.02% and 23.91%, respectively. This trend 

retained consistent across varying temperatures. In environments as extreme as -70 and -

160 °C, the dynamic compressive strength also showcased notable improvements with 

escalating strain rates. For example, at -70 °C, the strength increased by 10.53%, 24.33% 

and 28.60% at 80, 120 and 160 s-1, respectively, when compared to 40 s-1. Similarly, at -

160 °C, the strength rose by 4.10%, 17.22% and 22.57% with the same increment in strain 

rates. These data indicated that at the identical temperature, the dynamic strength of 

concrete dramatically increased with strain rate.  

(a)  (b)  
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(c)   

Figure 4.11 Compression strain-stress curve at different temperatures with various 
strain rates. (a) at 20 ℃ (b) at -70 ℃ (c) at -160 ℃. 

Studying the elastic modulus of NSM under dynamic experiments held significant 

importance as it constituted a vital mechanical characteristic of concrete materials. Figure 

4.12 shows a comprehensive overview of the dynamic compressive strength and elastic 

modulus variations observed in NSM specimens subjected to different temperatures and 

strain rates. It was evident that, at the same average strain rate, the dynamic compressive 

strength gradually increased with decreasing temperature. The elastic modulus 

representing the proportional relationship between stress and strain could be estimated 

through the slope between 30% and 50% of the peak strength from Figure 4.11. Notably, 

at the same average strain rate, the elastic modulus at -70 °C was greater than that at room 

temperature and -160 °C. For instance, at an average strain rate of 80 s-1, the elastic 

modulus at -70 °C was 1.76 times that that at room temperature and 1.98 times than that 

at -160 °C. When the average strain rate was up to 160 s-1, the elastic modulus at -70 °C 

was 1.56 times and 1.01 times greater than that at 20 and -160 °C, respectively. Similar 

findings have been observed in low-temperature static tests conducted by a few scholars 

[169, 171]. Zhang et al.[169] explained this phenomenon by employing CT scanning to 

explore the microstructural alterations of concrete before and after exposure to low 

temperatures. It was noted that as temperatures declined within the -90 to -30 °C range, 
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the elastic modulus enlarged due to the transition of a substantial volume of nanoscale 

pores' water to ice. However, when temperatures plummeted below -90 °C, these pores 

were entirely filled with ice, resulting in the formation of thermal cracks at the interfaces 

of ice and cement paste. Consequently, as temperatures decreased, the elastic modulus 

diminished.  

 

Figure 4.12 Dynamic compressive strength and elastic modulus variation with 
temperature and strain rate. 

4.3.3 Dynamic splitting tensile strength under combined loading 

4.3.3.1 Damage mode of specimens subjected to combined loading  

Under various combinations of loading conditions with strain rates ranging from 20 to 80 

s⁻¹ and temperatures of 20, -70, and -160 °C, significant changes in the dynamic splitting 

damage appearance of the specimens were observed, indicating a clear relationship 

between temperature and strain rate. Figure 4.13 presents the damage patterns of NSM 

under dynamic splitting tension in different temperatures and strain rate scenarios. 

Specifically, at a strain rate of around 20 s⁻¹, secondary micro-cracks as well as small 

triangular fracture zones emerged at both ends of the specimen along the centre main 

crack, leading to its division into two parts. With further increase in strain rate, the 
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triangular fracture area expanded gradually at both ends of the sample, accompanied by 

increased overall deformation. Notably, comparative analysis revealed that at equivalent 

strain rates, the damage severity at -70 °C surpassed that at room temperature.  

    

18.92 s-1 41.08 s-1 59.38 s-1 81.14 s-1 

(a) at 20 ℃ 

    

21.39 s-1 37.95 s-1 60.86 s-1 78.02 s-1 

(b) at -70 ℃ 

    

24.99 s-1 41.26 s-1 58.06 s-1 78.97 s-1 

(c) at -160 ℃ 

Figure 4.13 Dynamic splitting tensile failure modes at different temperatures. 
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When subjected to a temperature of -160 °C, the specimen exhibited increase brittleness 

as compared to its behaviour at room temperature. This heightened brittleness is clearly 

illustrated in Figure 4.14, which depicted the dynamic fracturing process of NSM 

specimens under varying temperatures (20, -70, and -160 °C) with a strain rate of nearly 

60 s-1, captured using the ultra-high-speed video camera. At 55 μs, a primary crack formed 

along the loading and transmission rod directions. Notably, at -160 °C, the crack observed 

in the specimen was considerably larger than those observed at room temperature and -

70 °C. Furthermore, secondary micro-cracks as well as small triangular fracture zones 

developed at the ends of the specimen along the primary crack, and the extent of damage 

intensified with time.  

(a)  

(b)  
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(c)  

Figure 4.14. Splitting tensile failure process of specimens under various temperatures. 
(a) at ambient temperature (b) at -70 °C (c) at -160 °C. 

4.3.3.2 Influence of low and cryogenic temperature on dynamic splitting tensile strength 

The peak splitting tensile strength obtained from dynamic splitting tests at temperatures 

of 20, -70 and -160 °C along with strain rates of 20, 40, 60 and 80 s-1 is depicted in Figure 

4.15. It was observed that at the same temperature, the splitting strength increased with 

strain rate. More specifically, at room temperature, the splitting strength increased by 

17.03%, 21.44% and 31.40% when the strain rate rose from approximately 20 s-1 (18.92 

s-1) to 40 s-1 (41.08 s-1), 60 s-1 (59.38 s-1) and 80 s-1 (81.14 s-1), respectively. At -70 °C, 

the splitting strength increased by 25.36%, 45.07% and 51.58%, with the strain rate 

increasing from approximately 20 s-1 (21.39 s-1)  to 40 (37.95 s-1), 60 (60.86 s-1)  and 80 

s-1 (78.02 s-1), respectively. Likewise, at -160°C, the splitting strength escalated by 

13.35%, 27.57% and 35.74% as the strain rate increased from approximately 20 s-1 (24.99 

s-1) to 40 (41.26 s-1), 60 (58.06 s-1) and 80 s-1 (78.97 s-1), respectively. Overall, these 

findings revealed that both temperature and strain rate visibly influenced the dynamic 

splitting strength of concrete, with lower temperatures and higher strain rates generally 

leading to higher splitting strength. Additionally, the rate and magnitude of strength 

increase varied with temperature, indicating complex temperature-dependent behaviour 

in dynamic splitting strength. 
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Figure 4. 15 Dynamic splitting tensile strength at different temperatures. 

4.3.4 Dynamic behaviour NSM after cryogenic FT cycles 

Understanding the dynamic behaviour of NSM subjected to cryogenic temperatures and 

FT cycles was essential for ensuring the safety and durability of structures cryogenic 

environments. In the current study, the dynamic compressive behaviour after 2, 4 and 8 

FT cycles in the temperature range from -160 to 20 ℃ at high strain rate of 80, 130 and 

180 s-1 was investigated. Figure 4.16 presents dynamic compressive strain-stress curves 

for mortar experienced different numbers of FT cycles. Figure 4.16(a) shows the strain-

stress curves after 2 FT cycles, with strain rates of 82.76, 131.36 and 185.44 s-1, whose 

peak strength was 51.53, 56.06 and 66.80 MPa, respectively. Figure 4.16(b) exhibits the 

strain-stress plots subsequent to 4 FT cycles, showcasing strain rates of 79.29, 127.77 and 

175.17 s-1, corresponding to peak strengths of 52.55, 53.79 and 62.72 MPa, respectively. 

Figure 4.16(c) illustrates the strain-stress curves following 8 FT cycles, featuring strain 

rates of 82.96, 128.56 and 180.29 s-1, with peak strengths of 52.61, 54.19 and 58.46 MPa, 

respectively. A further reduction in peak stress can be observed with increased number 
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of cryogenic FT cycles and a more gradual softening behaviour as compared to after 2 

and 4 FT scenarios. For example, the dynamic compressive strength at strain rate around 

180 s-1 approximately reduced by 8.30% and 14.57% after 4 and 8 FT cycles, as compared 

to after 2 FT cycles.  

  

                            (a) 2 FT cycles                                      (b) 4 FT cycles 

 

 (c) 8 FT cycles 

Figure 4. 16 Dynamic compressive strain-stress curve after various number of FT 
cycles. 

4.3.5 Strain rate sensitivity 

4.3.5.1 Dynamic increase factor at low temperature 

The influence of loading rate on material behaviour can be effectively quantified by the 

DIF at various strain rates. The DIF expresses the ratio of the material's strength under 

dynamic loading (e.g., impact or blast) to its static strength. This concept examines the 
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material response and identifies the critical loading rates experienced during high-

velocity events. 

The dynamic increase factor in compression (CDIFs) and dynamic increase factors in 

split tension (TDIFs) with temperature were examined, and an empirical formula was 

proposed to evaluate CDIFs and TDIFs of concrete at low temperatures in the range of 

20 to -160 °C. 

Extensive research has been done to explore the DIF of concrete material at ambient 

temperatures, such as CEB-FIP [172], Malvar and Crawford [173], Malvar and Ross 

[174] and Bischoff and Perry [175] etc. The DIF equation in compression for CEB-FIP 

[172] at 20 °C can be expressed as Equations (4.7) and (4.8). The equation demonstrated 

a bilinear relationship between DIF and the logarithm of strain rate, with a change in slope 

happening at a strain rate of 30 s-1 with strain rate up to 300 s-1. 

 𝐷𝐼𝐹 = (
𝜀̇

𝜀𝑠
)1.026𝛼     for 𝜀̇ ≤ 30 s-1     (4.7)  

 𝐷𝐼𝐹 =  𝛾(
𝜀̇

𝜀𝑠
)1/3      for 𝜀̇ > 30 s-1     (4.8) 

where 𝜀𝑠 is equal to 3× 10-6 s-1, 𝛼 = 1

10+6𝑓′𝑐/10
 and 𝑓′𝑐is uniaxial compressive strength in 

MPa, 𝛾 = 10(7.11α-2.33). 

Grote et al. [176] conducted an experiment to analyse CDIF of mortar specimens whose 

diameter was 12.7 mm with a high strain rate from 250 to 1700 s-1, as shown in Figure 

4.17. In addition, Zhang et al. [177] carried out CDIF of mortar with a specimen diameter 

of 37 mm. Chen et al. [178] also conducted a SHPB test to explore CDIF of mortar with 

a specimen diameter of 75 mm. It revealed that the strain rate sensitivity was lower for 

mortar as compared to NSC. Hao et al. [179] stated that increasing the volume fraction 
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and size of aggregates in concrete led to higher heterogeneity, which resulted in a higher 

CDIF under high strain rates in contrast with concrete without or with smaller aggregates. 

The data provided by Zhang et al. [177] and Chen et al. [178] were utilised for 

comparative analysis and validation. It could be observed that the experimental data at 

room temperature agreed well with the results from Zhang et al. [177] and Chen et al. 

[178], as shown in Figure 4.17. Additionally, as the temperature decreased, the CDIFs 

also decreased. Specifically, at -70 °C and -160 °C, the CDIFs decreased by 13.45% and 

22.81%, respectively, as compared to room temperature when considering a specific 

strain rate of 120 s-1. This indicated that the sensitivity of concrete to loading rate 

decreased significantly at cryogenic temperatures as compared to room temperature. As 

the temperature declined, the compressive strength of concrete exhibited an increasing 

trend, whereas the CDIF displayed a decreasing pattern, lending support to the notion that 

the higher strength of the material was, the lower degree of rate sensitivity exhibited.  

Moreover, this phenomenon could be explained by the formation of ice within the pore 

formation of the mortar. There was no ice in the pores of the mortar at ambient 

temperature. The behaviour of this material depended on its inherent characteristics, and 

the compressive strength was mainly influenced by the mortar composition and the strain 

rate applied during the testing process. While the temperature dropped to -70 °C, water 

in the mortar pores began to freeze, forming ice. The compressive and splitting strengths 

of ice were approximately 25 MPa and 3.1 MPa [180], which were similar to the static 

strength of mortar. The presence of ice raised the overall stiffness of the mortar. As the 

temperature of ice dropped from -15 to -125 °C or lower, the CDIF decreased [181]. 

However, at this time, ice has not yet fully dominated the influence on compressive 

strength. When the temperature dropped to -160 °C, the ice in the pores was much lower 
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than the freezing point and became harder. At such low temperatures, ice signally affected 

the mechanical properties of mortar, resulting in lower CDIF as compared to -70 °C. 

 

Figure 4. 17 Variation of CDIFs with strain rate at low and cryogenic temperature. 

Following the fitting of the data points depicted in Figure 4.17, Equations (4.9), (4.10) 

and (4.11) were formulated to plot the CDIF curves of NSM at room temperature, -70 and 

-160 °C, correspondingly. These derived curves were then compared with experimental 

data, illustrated in Figure 4.17. It was worth noting that as the temperature decreased, the 

DIF decreased in compression. Furthermore, the transition strain rate was approximately 

37.87 s-1 at 20 °C, the change point occurred in 37.28 s-1 at -70 °C, additionally, the 

transition strain rate exhibited in 55.21 s-1 at -160 °C.  

 CDIF at 20 ℃ = {
0.051 log 𝜀̇ + 1.305     𝜀̇ ≤ 37.87 𝑠−1  

0.721 log 𝜀̇ + 0.247     𝜀̇ > 37.87  𝑠−1 
      (4.9)  

 CDIF at − 70 ℃ = {
0.021 log 𝜀̇ + 1.128     𝜀̇ ≤ 37.28 𝑠−1  

0.644 log 𝜀̇ + 0.148    𝜀̇ > 37.28  𝑠−1 
      (4.10)  

 CDIF at − 160 ℃ = {
0.092 log 𝜀̇ + 1.550           𝜀̇ ≤ 55.21 𝑠−1   

0.661 log 𝜀̇ − 0.081            𝜀̇ > 55.21 𝑠−1  
     (4.11)  
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Figure 4.18 displays the TDIFs at 20, -70, and -160 °C together with different strains. The 

experimental data of TDIFs at ambient temperature fitted well with those from Liu et al. 

[182] and Chen et al. [183], which demonstrated the accuracy and reliability of the tests. 

It was noteworthy that unlike CDIFs, TDIFs increased as the temperature decreased. 

TDIFs were enhanced at lower temperatures. Compared to room temperature, TDIFs at -

70 and -160 °C increased by 30.36% and 30.84%, respectively, for a specific strain rate 

of 60 s-1.  In addition, the TDIFs were slightly greater at -160 °C than at -70 °C. This 

suggested that NSM exhibited a more sensitive strain rate response under dynamic 

splitting, highlighting the material's increased brittleness at lower temperatures.  

 

Figure 4. 18 Variation of TDIFs with strain rate at low temperature. 

After curve fitting the experimental data points at 20, -70 and -160 °C, the TDIF curves 

for the NSM at room temperature and -70 and -160 °C temperatures were developed 

separately in Equations (4.12), (4.13), (4.14), as shown in Figure 4.18. The transition 

point for TDIF was set as 1 s-1, which was the same as CEB-FIP [172] at 20 °C. 

 TDIF at 20 ℃ = {
0.042 log 𝜀̇ + 1.254       𝜀̇ ≤ 1 𝑠−1  

1.726 log 𝜀̇ + 1.145        𝜀̇ > 1  𝑠−1 
      (4.12)  
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 TDIF at − 70 ℃ = {
0.083 log 𝜀̇ + 1.500     𝜀̇ ≤ 1 𝑠−1  

2.548 log 𝜀̇ + 0.804     𝜀̇ > 1  𝑠−1 
      (4.13)  

 TDIF at − 160 ℃ = {
0.175 log 𝜀̇ + 2.053               𝜀̇ ≤ 1 𝑠−1   

1.949 log 𝜀̇ + 1.872               𝜀̇ > 1 𝑠−1  
      (4.14)  

4.3.5.2 Dynamic increase factor after cryogenic FT cycles 

Figure 4.19 illustrates the DIFs with respect to strain rate (ranging from approximately 

80 to 180 s-1) after different numbers of cryogenic FT cycles. The regression equation for 

the fitting curve after 2 FT cycles was expressed as y = 1.207log ε ̇- 0.768. It was notable 

that the CDIF values following 2 FT cycles exhibited a slight elevation as compared to 

those at 20 °C. The fitting curve after 4 FT cycles followed the equation y = 0.774log ε̇ + 

0.272. These CDIF values further rose as compared to those after 2 FT cycles, suggesting 

continued degradation in the material with increase FT cycles. The test results after 8 FT 

cycles were shown in the figure below, and the fitting curve was given by the equation y 

= 0.598log ε ̇+ 0.839. The CDIF values after 8 FT cycles were the highest among the 

tested conditions, indicating the greatest strain rate sensitivity after 8 FT cycles, along 

with the most significant reduction of mortar owing to the cumulative effects of the FT 

cycles. The CDIFs after 4 and 8 cryogenic FT cycles increased approximately 11.63% 

and 28.31%, respectively, in contrast with that after 2 cryogenic FT cycles. The dynamic 

increase factors measured at a strain rate of 180 s-1 following 8 FT cycles exceeded those 

observed after 2 and 4 FT cycles by approximately 13.43% and 9.62%, respectively. 

Overall, the CDIF increased with the number of FT cycles, implying a reduction in the 

material's capability to resist dynamic loading after cryogenic FT cycles. During each FT 

cycle, water within the pore structure of concrete froze and expanded, resulting in the 

development of internal stresses. When the ice melted, it left behind microcracks and 

damage in the mortar. As the number of FT cycles increased, the extent of microcracking 

and internal damage accumulated, causing a higher CDIF.  
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Figure 4. 19 Variation in CDIFs with strain rate after different numbers of FT cycles. 

4.4 SEM analysis after FT cycles 

SEM was utilised to examine the microstructural changes and crack formation in 

fragments of samples after 2, 4 and 8 times of FT cycles (see Figure 4.20).  The 

microstructure appeared relatively intact with some pores and voids present when the 

sample without FT cycles. It was observed that, in comparison to the samples in the 

unfrozen state at room temperature, the samples subjected to 2 FT cycles exhibited an 

increase in the number of microscopic pores. After 4 FT cycles, the quantity and diameter 

of pores increased significantly, leading to severe deterioration of the mortar matrix 

(showing a fibrous texture), and the formation of microcracks was evident. Following 8 

FT cycles, the number and diameter of pores continued to escalate, accompanied by an 

increase of microcracks. The loosened texture of the material after 8 FT cycles provided 

a key explanation for its heightened vulnerability to FT damage from a mechanistic 

standpoint. The observations aligned with the experimental results obtained by Xie and 

Wu [184] and Wei et al. [185]. To better understand the changing patterns of concrete 

pore characteristics, Zhou et al. [130] performed mercury intrusion porosimetry (MIP) 
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and nuclear magnetic resonance (NMR) tests to analyse ordinary C60 concrete both 

before and after 20 FT cycles. The MIP results revealed a significant increase in pore 

volume in the concrete after 20 FT cycles, highlighting that internal pore water was a key 

factor influencing the mechanical behaviour. Similarly, the NMR results indicated a 

marked rise in the number of large capillary pores and considerable structural 

deterioration in the concrete. This consistency in observed trends and damage 

mechanisms across different studies reinforces the validity of the findings from SEM. 

In conclusion, it emphasised that FT cycles had a significant and progressive effect on 

the microstructure of the samples, leading to increased porosity, deterioration of the 

mortar matrix, and the formation and propagation of microcracks. These microstructural 

changes can have detrimental effects on the mechanical properties and durability of the 

material, potentially compromising its performance and service life in environments 

subjected to freezing and thawing conditions. 

  
(a) without FT cycle                                  (b) after 2 FT cycles 

  
(c) after 4 FT cycle                                      (d) after 8 FT cycles 

Figure 4. 20 Microscopic image of samples after various number of FT cycles. 
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4.5 Limitations  

Although this study provides information of the dynamic behaviour of NCM at cryogenic 

temperature and after FT cycles, there are several limitations that should be addressed in 

future research. Firstly, while this study considered a range of FT cycles, additional cycles 

should be investigated to further understand the long-term effects of FT exposure (e.g., 

10~50 cycles) on mechanical properties. Furthermore, the microstructural changes 

resulting from FT cycles were qualitatively examined, but future studies could utilise 

more advanced techniques such as CT scanning or mercury intrusion porosimetry to 

quantitatively analyse the porosity and correlate it with the observed mechanical 

behaviour. This would enable a more comprehensive understanding of the relationship 

between the microstructure and mechanical performance of NSM under extreme 

conditions. Additionally, the tested strain rate range (up to 180 s⁻¹) may not encompass 

all possible loading scenarios, particularly those encountered in extreme events such as 

blasts, therefore, higher strain rates needs exploration in the future. 

4.6 Summary 

This study investigated the dynamic mechanical properties of NSM under extreme 

temperature conditions (20, -70 and -160 °C) and after cryogenic FT cycles in temperature 

range from -160 to 20 ℃ using SHPB tests. The following particular conclusions can be 

drawn: 

• At -70 and -160 °C, the severity of damage decreased as compared to room 

temperature, indicating improved impact resistance. Additionally, the stiffness of 

the material increased at lower temperatures, leading to reduced deformation and 

damage. 
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• Dynamic compressive strength increased with strain rate at all temperatures, with 

higher strain rates resulting in considerable enhancements in strength. The 

modulus of elasticity also increased at lower temperatures, indicating a more rigid 

response of NSM at extremely cold temperatures. 

• The splitting strength increased with strain rate and decreasing temperature. 

Lower temperatures (-70 °C and -160 °C) led to higher splitting strength than 

room temperature, indicating enhanced resistance to dynamic tensile loading at 

extremely cold temperatures. 

• While dynamic strengths generally increased with higher strain rates, the 

sensitivity to strain rate decreased significantly at cryogenic temperatures for 

compression, as evidenced by decreasing CDIFs. The results showed that the 

CDIFs at -70 and -160 °C decreased by about 12.63% and 24.7% compared to at 

20 °C when the strain rate was 160 s-1. Conversely, dynamic splitting exhibited 

heightened sensitivity to strain rate at lower temperatures, reflected in increasing 

TDIFs. The experimental results indicated that the TDIFs at -70 and -160 °C had 

a rise of 16.71% and 29.72% compared to 20 °C when the strain rate was 

approximately 40 s-1. 

• The increase number of cryogenic FT cycles resulted in a notable increase in the 

strain rate sensitivity of concrete and decrease its ability to withstand dynamic 

loading. At the strain rate of 180 s-1, the DIFs after 8 FT cycles were 

approximately 13.43% and 9.62% greater than after 2 and 4 times FT cycles, 

respectively. 
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The findings of this study have several important implications for the design and 

maintenance of LNG storage facilities. First, the observed increase in compressive 

strength at cryogenic temperatures suggests that standard safety factors for material 

selection may need reassessment, as certain concrete compositions might perform better 

than traditionally assumed. However, the reduction in elastic modulus at -160 °C indicates 

a potential decrease in structural stiffness, necessitating careful consideration of thermal 

gradient effects in different regions of an LNG containment system. The progressive 

deterioration after multiple FT cycles underscores the importance of durability-enhancing 

measures to mitigate pore pressure-induced microcracking. Additionally, the differing 

strain rate effects in compression and tension highlight the need for impact-resistant 

design modifications, as brittle fracture risks could be elevated under high strain-rate 

tensile loading. The DIF variations at low temperatures further suggest that rate-

dependent design criteria should be refined to account for cryogenic conditions. Finally, 

incorporating these experimental results into lifespan prediction models could improve 

maintenance scheduling by enabling more accurate estimations of structural degradation 

over time, ensuring the long-term safety and reliability of ACLNG storage infrastructure.
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Chapter 5. EXPERIMENTAL EXPLORATION ON DYNAMIC 

CHARACTERISTICS OF CEMENT BASED ULTRA-HIGH 

PERFORMANCE CONCRETE AT LOW AND CRYOGENIC 

TEMPERATURE 

5.1 Introduction 

This study presents an experimental investigation on the dynamic compressive and 

splitting tensile behaviour of CUHPC subjected to low temperatures of -70 °C and -160 

°C. The compressive and splitting tensile strengths of CUHPC were examined at various 

strain rates (40 ~ 160 s-1 for compression, 20 ~ 80 s-1 for splitting tension) and temperature 

conditions (at 20, -70 and -160 °C) via SHPB device. The dynamic compressive as well 

as splitting tensile strengths of UHPC increased significantly with the strain rate. The 

CDIFs decreased with the decline in temperature. The compressive strengths under a 

strain rate of 120 s-1 at ambient temperature were approximately 1.09 and 1.16 times 

higher than at -70 and -160 °C, respectively. On the other hand, an opposite behaviour 

was observed for the TDIFs of CUHPC, i.e., TDIFs rose as the temperature decreased. 

Based on the experimental data, it showed that the TDIFs at -70 and -160 °C were nearly 

1.16 and 1.21 times higher than at 20 °C at the specified strain rate 60 s-1.  

5.2 Experimental Methodology 

The experimental investigation of CUHPC dynamic behaviour under low and cryogenic 

temperatures followed the process in Figure 5.1. CUHPC specimens were initially 

produced and subsequently cooled to target temperatures of -70 and -160 °C to simulate 

low and cryogenic temperature conditions. Two different tests were employed to evaluate 

the material's mechanical response: static testing and SHPB testing, both focusing on 

compression and splitting tension properties. The static tests provided baseline 
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mechanical properties, while the SHPB tests characterised the dynamic behaviour of 

CUHPC under high strain rates. This dual testing approach enabled a thorough 

comparison between static and dynamic responses at these extreme temperatures. All 

experimental data were acquired and analysed to understand the temperature-dependent 

mechanical properties and strain rate effects on the behaviour of CUHPC under these 

harsh environmental conditions. 

 

Figure 5.1 Experimental methodology for CUHPC testing at low and cryogenic 
temperatures. 

5.2.1 CUHPC specimen preparation and composition 

The CUHPC specimens were reinforced with 2% steel fibres. The properties of steel fibre 

are listed in Table 5.1. Table 5.2 provides detailed material proportions. Figure 5.2 

illustrates the comprehensive particle size distributions of the four solid materials utilised 

in this CUHPC mixture. To ensure optimal dispersion and random orientation of the steel 

fibres while preventing agglomeration, manual distribution was employed during the 

fibre incorporation process. Following this step, the concrete mixture was carefully 

transferred into PVC pipe moulds, each with an internal diameter measuring 70 mm. After 

appropriate curing in the PVC moulds, the samples were cut into cylindrical shapes with 
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a diameter of 70 mm and a height of 35 mm (see Figure 5.3). To achieve uniform load 

distribution during the loading test, the end faces were grinded.  

Table 5.1 Material properties of steel fibre. 

Diameter 
(mm) 

Length 
(mm) 

Density 
(kg/m3) 

Modulus of 
elasticity (GPa) 

Tensile strength 
(MPa) 

0.12 15 7800 210 >2850 
 
Table 5.2 CUHPC composition ratios (kg/m3) 

42.5 
Cement 

Water Fine 
sand 

Steel fibre Superplasticiser Fly ash Silica fume 

925 230 963 160 26 340 130 

 

Figure 5. 2 Particle size distribution of used materials. 

(a)  (b)  
Figure 5.3 CUHPC specimens for testing (unit: mm). 

5.2.2 Experimental setup under cryogenic temperature 

The proposed experiment aims to examine both the static and dynamic compressive and 

splitting tensile behaviour of CUHPC under extreme low temperatures of -70 and -160 
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°C. To attain the target temperatures, a cooling apparatus as depicted in Figure 4.3 was 

employed. The specimens were put into a low-temperature chamber, which can 

accommodate 14 specimens simultaneously. The liquid nitrogen was slowly flowed into 

the low-temperature chamber. During the experiment, the rate of temperature drop was 

controlled at 1 °C per minute to make sure the uniform temperature distribution within 

the specimens. The target temperature maintained for 4 hours to guarantee thermal 

equilibrium. The temperature was accurately recorded and regulated within the low-

temperature chamber. Figure 5.4 illustrates the cooling curve within the low-temperature 

chamber. 

 
Figure 5. 4 Cooling curves in the test. 

5.3 Static test results 

The quasi-static experiments were conducted at three distinct temperature conditions, 

including 20, -70 and -160 °C. A 300-ton hydraulic testing machine was employed to 

perform these tests. For the compressive tests, the loading rate was set at 0.5 mm/min. In 

the case of splitting tensile tests, the cylindrical specimens were placed horizontally 

between the loading surfaces of the compression testing machine. The compressive load 

was applied diametrically along the cylinder's length at a slower rate of 0.02 mm/min. 

This loading continued until failure initiated along the vertical diameter of the specimen. 
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The static compressive and splitting tensile strengths of CUHPC at 20, -70 and -160 °C 

are shown in Figure 5.5. The compressive strength exhibited an almost linear increase 

when the temperature decreased from 20 °C to -70 and -160 °C, from 161.20 MPa to 

193.56 MPa and 211.58 MPa, respectively, corresponding to an increase of 20.07% and 

31.25%. Likewise, the splitting tensile strength increased from 7.20 MPa at room 

temperature to 10.13 MPa and 11.25 MPa at -70 and -160 °C, respectively, representing 

an increase of 40.69% and 56.25%. 

 
Figure 5.5 CUHPC Compressive and splitting tensile strength at low temperature. 

 
5.4 SHPB test setup 

The behaviour of CUHPC under dynamic compression and splitting tensile loading at 

various strain rates and low/cryogenic temperatures was explored experimentally. 

Dynamic compressive tests were conducted at strain rates of 40, 80, 120 and 160 s-1, while 

splitting tensile tests were performed at strain rates of 20, 40, 60 and 80 s-1. Notably, these 

tests were carried out at three distinct temperature conditions, including 20, -70 as well 

as -160 °C. The specimens employed for the experiment were cylindrical, having 

dimensions of 35 mm in height and 70 mm in diameter. Section 4.2.2.3 provides a 

comprehensive description of the SHPB test methodology. 
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5.5 Results and discussions of experiments 

5.5.1 Dynamic compressive test  

5.5.1.1 Damage appearances of specimens subjected to coupled loading  

Figure 5.6 presents the dynamic compressive failure modes of CUHPC specimens at 

different temperatures and strain rates.  At 20 °C (see Figure 5.6(a)), the specimens 

exhibited a progressive increase in damage severity as the strain rate rose. At the lowest 

strain rate of 40.7 s-1, the specimen showed moderate damage with some cracking and 

chipping. When the strain rate rose to 81.4 s-1, the sample exhibited pronounced cracking 

and fragmentation. At 120.1 s-1, the specimen appeared severely damaged, with 

substantial fragmentation and the formation of smaller debris, CUHPC demonstrated 

superior damage resistance as compared to Normal Strength Mortar (NSM) [186], as 

evidenced by its central core remaining relatively intact,  which was caused by the effect 

of steel fibres.  Finally, at the highest strain rate of 158.2 s-1, the specimen disintegrated 

into powdery fragments, indicating complete failure. At -70 °C (see Figure 5.6(b)), a 

similar trend was observed, but the overall damage appeared less severe with respect to 

the state of ambient temperature. The specimens at lower strain rates (39.1 s-1 and 81.6 s-

1) showed moderate cracking and edge chipping, while the core retained relatively intact. 

At 121.3 s-1, the specimen exhibited more significant fragmentation, with the formation 

of granular debris. At the highest strain rate of 162.6 s-1, the specimen disintegrated into 

smaller fragments, but less severe damage occurred in contrast with the corresponding 

specimen at 20 °C. While at -160 °C (see Figure 5.6(c)), the specimens demonstrated 

even higher resistance to dynamic compressive failure. The specimens at lower strain 

rates (45.2 s-1 and 82.3 s-1) exhibited minimal damage, with only minor cracking visible. 

At 119.2 s-1, the specimen showed moderate fragmentation, but the core remained largely 

intact owing to simultaneous action of steel fibres, albeit with signal cracking and 
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fragmentation. However, at the highest strain rate of 161.5 s-1, the specimen exhibited 

more severe damage and disintegration in comparison with the corresponding specimens 

at 20 °C and -70 °C. This may show the increased brittleness of CUHPC at lower 

temperature at higher strain rate.  

Overall, it highlighted the significant impact of both thermal conditions and strain rate on 

the dynamic compressive failure mechanisms of CUHPC. Lower temperatures especially 

at -160 °C resulted in improved resistance to damage and fragmentation at the lower strain 

rates (40 and 80 s-1), but more brittle at higher strain rate.  

    
40.7 s-1 81.4 s-1 120.1 s-1 158.2 s-1 

(a) at 20 ℃ 

  
  

39.1 s-1 81.6 s-1 121.3 s-1 162.6 s-1 
(b) at -70 ℃ 

    
45.2 s-1 82.3 s-1 119.2 s-1 161.5 s-1 

(c) at -160 ℃ 
Figure 5.6 Dynamic compressive failure patterns of CUHPC across various 

temperatures. 
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The dynamic failure process of CUHPC specimens under compressive loading at 

different temperatures (20, -70 and -160 °C) was captured via ultra-high-speed video 

camera (see Figure 5.7). It can be observed that at 57 μs, more obvious cracks appeared 

in the -160 °C sample, as compared to room temperature and -70 °C. Over time, the 

damage to the sample at -160 °C became more severe, accompanied by a large amount of 

powder and small fragments. This observation highlighted the impact of temperature on 

the mechanical properties and failure behaviour of CUHPC, with lower temperatures 

resulting in a more brittle and catastrophic failure mode at higher strain rate. 

CUHPC was a dense, homogeneous material [187] with a tightly packed microstructure 

and a high degree of hydration, which contributed to its superior mechanical 

performances and resistance to cracking and fragmentation under impact loading. Wu et 

al. [188] examined the microstructure of the matrix by MIP and showed that after adding 

fly ash and other substances, the total porosity of the CUHPC matrix decreased by about 

5%. The filling effect of supplementary cementitious materials (SCMs) densified the 

CUHPC matrix, resulting in improved mechanical properties. At lower temperatures, the 

stiffness of CUHPC increased due to the phase change in the free water, resulting in the 

enhancement of compressive strength. However, it should emphasise that as concrete's 

strength increased, it typically became more prone to brittle failure [189]. Even when 

steel fibres were incorporated into mixtures, CUHPC still exhibited brittle failure modes 

when subjected to extremely low temperatures [104, 190]. Therefore, it showed 

noticeably more brittle failure characteristics at -160 °C as compared to room temperature 

and -70 °C.   

The frozen-pore water effect at cryogenic temperatures enhanced the bond between steel 

fibres and the cement matrix, thereby restricting crack propagation. Kim and Yoo [191] 

examined how cryogenic temperatures affected the pull-out characteristics of individual 



 
 

117 
 

steel fibres embedded in CUHPC matrix. They pointed out that exposure to extremely 

low temperatures considerably improved both the average bond strength and slip 

capacity, contributing to the strength enhancement. Overall, it exhibited the superior 

performance of CUHPC in terms of damage resistance and controlled failure modes. 

(a)  

(b)  
 

(c)  
Figure 5.7 Failure process of CUHPC at various temperature. (a) at 20 °C (b) at -70 

°C (c) at -160 °C. 
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5.5.1.2 Effect of low temperature on compressive strength and modulus of elasticity 

Figure 5.8 demonstrates the relationship between dynamic compressive stress and strain 

for CUHPC specimens tested at various temperatures (20, -70 and -160 °C) and strain 

rates (ranging from 40 s-1 to 160 s-1). At the ambient temperature, the dynamic peak stress 

of CUHPC increased signally with rising strain rate. Specifically, the f'c increased by 

16.4%, 32.0%, 47.3% and 52.1% at strain rates of 40.7 s-1, 81.4 s-1, 120.1 s-1 and 158.2 s-

1, respectively, in comparison with the static strength (see Figure 5.8(a)). At -70 °C, the 

stress-strain curves exhibited a similar trend as those at room temperature, with the peak 

stresses kept increasing at higher strain rates. By comparing the static strength at -70 °C, 

the dynamic compressive strength escalated by 5.2%, 22.9%, 34.7% and 35.3% at strain 

rates of 39.1 s-1, 81.6 s-1, 121.3 s-1, and 162.6 s-1, respectively (see Figure 5.8(b)).  

At -160 °C, the stress-strain curves exhibited a more brittle behaviour with a steeper post-

peak softening branch as compared to 20 and -70 °C. The f’c continued to increase with 

strain rate. At the strain rate of 45.2 s-1, 82.3 s-1, 119.2 s-1 and 161.5 s-1, the dynamic 

compressive strength at -160 °C experienced an increase of 1.66%, 13.1%, 26.7% and 

29.8% in contrast to the uniaxial compressive strength at -160 °C. These findings 

demonstrated that the f’c of CUHPC specimens increased with strain rate across all 

temperature conditions. This trend was particularly pronounced at room temperature, 

where the strength enhancement was more substantial as compared to -70 °C and -160 

°C. As the temperature reduced from -15 °C to -125 °C and below, Wu and Prakash [181] 

observed an increase peak stress of ice, resulting in an enhancement of compressive 

strength for CUHPC with declined temperature.  

Regarding the dynamic compressive modulus of elasticity of CUHPC, a phenomenon 

similar to that observed in NSM [186] was noted, i.e., the dynamic modulus of elasticity 

at -70 °C was higher than that at room temperature and -160 °C. According to Zhang et 
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al. [169], this is probably caused by the binding and filling actions of ice in the pores of 

the concrete in this temperature range. The formation of ice in the pores helped fill the 

voids and bind the cement paste and aggregates together, causing an increase in the 

overall stiffness and modulus of elasticity of the CUHPC. Additionally, the thermal 

contraction of the CUHPC components at -70 °C further contributed to this stiffening 

effect, as it reduced the volume of the pores and raised the density of the material. 

However, as the temperature dropped further down to -160 °C, the dynamic elastic 

modulus started to decrease. This can be explained by the increased thermal expansion 

mismatch between the different CUHPC constituents (cement paste, aggregates, and ice) 

at cryogenic temperatures. The inconsistent thermal deformations resulted in the 

development of microcracks and damage within the CUHPC microstructure, which in 

turn reduced the overall stiffness and dynamic elastic modulus of the material. At the 

strain rate of about 120 s-1, the dynamic elastic modulus of CUHPC at -70 °C was 

approximately 7.16 times and 3.64 times higher than at 20 °C and -160 °C, respectively. 

This highlighted the markedly influence of the ice filling and binding effects as well as 

the thermal expansion mismatch on the dynamic mechanical performances of CUHPC at 

different low and extremely low temperature conditions. 

 
                                (a) at 20 ℃                                               (b) at -70 ℃ 
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       (c) at -160 ℃ 

Figure 5.8 Dynamic compressive stress-strain curve at various temperatures. 

5.5.2 Dynamic splitting tensile results 

5.5.2.1 Failure modes of specimens under combined loading  

Figure 5.9 illustrates the dynamic splitting tensile failure modes of CUHPC specimens at 

various temperatures and strain rates. The relationship among temperature, strain rate, 

and the resulting damage patterns in the concrete specimens were examined. At various 

strain rates (20, 40, 60 and 80 s-1) and temperatures (20, -70 and -160 °C), different failure 

modes appeared in the specimens. Three primary categories may be used to classify the 

failure scenarios [192]: Failure Mode I (lower strain rates): The specimen maintains stress 

equilibrium before cracking, then splits from the centre along the loading axis into two 

halves that can be reassembled to closely resemble the original shape. Failure Mode II 

(above 20 s-1): The specimen experiences a fracture along its central axis, resulting in two 

distinct halves. A minor wedge-shaped zone of crushing is evident at the point of load 

application. Failure Mode III: The specimen exhibits a more complex failure pattern. 

Shear damage manifests at both extremities of the specimen. Concurrently, a wedge-

shaped crushing zone develops at the loading end. The central region of the specimen 

displays a substantial zone of tensile damage, often presenting as a band of crushed 

material. At lower strain rates (around 20 s-1), the specimens exhibit a central crack 
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damage pattern, where they fracture into two halves along the loading direction. At higher 

strain rates (above 20 s-1), the specimens display a triangular crack damage pattern, 

characterised by triangular damage zones, especially at the contact ends (particularly the 

loading end). The damage level escalated with strain rate, with the triangular fracture area 

expanding and the overall deformation increasing. Generally speaking, the transition in 

failure modes observed in the CUHPC specimens, shifting from shear failure to tensile 

failure, can be primarily attributed to the redistribution of the maximum tensile strain 

within the material [193]. A comparative assessment revealed that, under identical strain 

rates, the extent of damage was more severe at -70 °C than at ambient temperature. 

Furthermore, the damage severity at -160 °C was even worse than at -70 °C. 
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21.0 s-1 39.9 s-1 63.2 s-1 81.3 s-1 

(a) at 20 ℃ 

    
19.9 s-1 40.1 s-1 60.0 s-1 81.4 s-1 

(b) at -70 ℃ 

    
23.3 s-1 42. 3 s-1 64.3 s-1 80.5 s-1 

(c) at -160 ℃ 

Figure 5.9 Dynamic splitting tensile failure mechanisms of CUHPC at various 
temperatures. 

Figure 5.10 shows the failure process of CUHPC under dynamic splitting tensile tests 

conducted at approximately 40 s-1 strain rate together with temperatures of 20, -70 and -

160 °C. As time progressed, the cracks in the CUHPC specimens propagated along the 

centre of the samples, gradually widening and extending. At -70 °C, an undamaged 

sample displayed at 33 μs, while a more rapid and irregular crack propagation pattern 

demonstrated at the following time step 82 μs, 112 μs and 180 μs in contrast to the state 

of room temperature. At the temperature of -160 °C, the failure of CUHPC became more 

sudden and catastrophic, exhibiting a more brittle behaviour. The crack formation was 



 
 

123 
 

visible as early as 8 μs, with subsequent widening and extension of the crack at 33 μs, 

112 μs and 180 μs. In summary, as the temperature decreased, the crack initiation and 

propagation become more rapid, irregular, and catastrophic, indicating a transition from 

a more ductile failure mode at ambient temperature to a more brittle failure mode at lower 

temperatures. 

 
(a) at ambient temperature 

 
(b) at -70 °C 

 
(c) -160 °C 

Figure 5. 10 Failure process of CUHPC under dynamic splitting tensile test. 
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5.5.2.2 Effect of low temperature on splitting tensile strength 

The dynamic splitting tensile behaviour of CUHPC was investigated at temperature 

conditions of 20, -70 and -160 °C, with strain rates ranging from approximately 20 to 80 

s-1, and the peak splitting tensile strength of different scenarios is presented in Figure 5.11. 

At room temperature, as the strain rate increased from 21.0 s-1 to 39.9 s-1, 63.2 s-1, and 

81.3 s-1, the splitting tensile strength of the CUHPC specimens rose by approximately 

108.6%, 141.1%, 172.6% and 188.1%, respectively, in contrast to the static splitting 

tensile strength at 20 °C.  At -70 °C, with increasing strain rates from 19.9 s-1 to 40 s-1, 

60.0 s-1 and 81.4 s-1, the splitting tensile strength showed respective increases of about 

122.3%, 156.5%, 204.6% and 224.9% in compared to the static splitting tensile strength 

at -70 °C. Similarly, at -160 °C, with strain rates rising from 23.3 s-1 to 42.3, 63.3 and 

80.5 s-1, the splitting tensile strength exhibited increase of around 171.20%, 184.6%, 

215.7% and 257.5%, respectively, in contrast with the static splitting tensile strength at -

160 °C. It was noted that as the strain rate ascended, the splitting tensile strength of the 

specimen increased at the same temperature condition. Furthermore, it was evident that 

under the same strain rate the dynamic splitting tensile strength rose as the temperature 

decreased. For example, at a strain rate of 40 s-1, the dynamic splitting strength at -70 and 

-160 °C rose by 52.3% as well as 87.7%, respectively. Likewise, at strain rates of 80 s-1, 

the dynamic splitting tensile strength at -70 and -160 °C grew to 58.7% as well as 93.9%, 

respectively, as compared to room temperature. 



 
 

125 
 

 
Figure 5.11 Dynamic splitting tensile strength of CUHPC at various temperatures. 

 
5.5.3 Relationship between dynamic compressive and splitting tensile strength 

The relationship between dynamic compressive strength and splitting tensile strength at 

various temperatures and strain rates can be expressed using Equation (5.1). This equation 

incorporates the effects of strain rate and temperature at 20, -70 and -160 ℃ on the 

material's mechanical properties. These relationships were established through regression 

analysis, having high correlation coefficient of determination (R2), which was 0.87. 0.91 

and 0.92 at 20, -70 and -160 ℃, respectively. This indicates a strong fit between the 

predicted and experimental values. These findings highlight the significant influence of 

strain rate and temperature on the dynamic compressive and tensile properties of CUHPC, 

showing their interdependence under varying conditions. 

 𝑓𝑐,𝑑
′ = {

25.92 ln 𝜀̇ + 5 × 10−4 𝑓𝑡,𝑑
′ + 100            𝑇 = 20 ℃  

33.97 ln 𝜀̇ + 1 × 10−4 𝑓𝑡,𝑑
′ + 100         𝑇 = −70 ℃  

38.27 ln 𝜀̇ + 1.34 𝑓𝑡,𝑑
′                             𝑇 = −160 ℃  

      (5.1)  

where 𝑓𝑐,𝑑
′  is the dynamic compressive strength in MPa, 𝜀̇ is the strain rate in s-1 and 𝑓𝑡,𝑑

′  

represents the dynamic splitting tensile strength in MPa.  
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5.6 Strain rate sensitivity 

The DIF is a widely utilised metric that quantifies the enhancement in concrete's strength 

at high strain rates. The definition of DIF is the proportion of dynamic strength to static 

strength. Understanding DIF of concrete is crucial for accurately predicting the structural 

response, designing structural elements to withstand high-strain-rate events, and 

developing appropriate constitutive models. In accordance with the foregoing experiment 

results, the relationship between strain rate in compression of CUHPC and CDIF is 

plotted in Figure 5.12. It is worth noting that with the decline in temperature, CDIFs 

decreased gradually, which indicated the concrete material was more sensitive at ambient 

temperature rather than at low or cryogenic temperature in compression. 

In fact, a large number of empirical formulas for NSC under different strain rate ranges 

have been derived and widely used. The predictive curve suggested by CEB-FIP model 

code [172] for DIF in compression at room temperature is given in Equation (5.2), which 

also plots in Figure 5.12. However, as mentioned above, this formula can only describe 

the critical strain rate for NSC at ambient temperature, in other words, it was not suitable 

for CUHPC at other temperature conditions. Therefore, new empirical formulas were 

derived for CUHPC at room temperature, -70 and -160 ℃ using experimental data, as 

shown in Equations (5.3) - (5.5). The derived empirical formulae fit well with the 

experimental data. In the current study, the inflection points in relation to CDIF were 

determined to be 30 s-1 at 20, -70 and -160 °C, which was the same as CEB-FIP model 

code [172]. 
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 C𝐷𝐼𝐹 =
𝑓𝑐

𝑓′𝑐
= {

(
𝜀̇

𝜀𝑠
)1.026𝛼     for 𝜀̇  ≤  30 s−1

𝛾(
𝜀̇

𝜀𝑠
)1/3       for 𝜀̇  >  30 s−1

     (5.2)  

where 𝜀𝑠 = 3× 10-6 s-1, 𝛼 = 1

10+6𝑓′𝑐/10
 and 𝑓′𝑐is uniaxial compressive strength, 𝛾 = 

10(7.11α-2.33). 

The fitting curves of CDIFs for CUHPC at 20, -70 and -160 °C are also displayed in 

Figure 5.13. It was highlighted that with the decrease in the temperature, the CDIFs of 

CUHPC diminished. In fact, the material with a higher uniaxial compressive strength 

shows lower rate sensitivity [194, 195], this aligns with the observation of CUHPC’s 

CDIF at low temperature. The occurrence of a phase transition within the pore network, 

wherein the pore water crystallised into an ice matrix upon exposure to cryogenic 

conditions [101]. It is noteworthy that at a temperature of -70 °C, the ice has not yet 

assumed complete control over its impact on the compressive strength, as the freezing 

process has merely initiated within the pores [98]. Upon further cooling to -160 °C, the 

ice within the pores becomes remarkably more rigid, freezing water further expands, 

leading to microcracking and weakening of the concrete matrix. As temperature 

decreases, different components of CUHPC contract at different rates, forming the 

microcrack in the ITZ [15]. Meanwhile,  the freezing of water within the concrete's pore 

structure leads to a volumetric expansion of about 9% [196]. This expansion contradicts 

the overall shrinkage of the surrounding matrix, exacerbating the development of 

microcracks. These microcracks serves as initial defects. When subjected to impact loads, 

these initial defects rapidly coalesce into larger macrocracks, accelerating the path to 

ultimate failure, hence the CDIF under low temperatures is reduced. 
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Figure 5.12 CDIFs for CUHPC at low temperature. 

 CDIF at 20 ℃ = {
0.012 log 𝜀̇ + 1.070     𝜀̇ ≤ 30 𝑠−1  

0.580 log 𝜀̇ + 0.230     𝜀̇ > 30  𝑠−1 
      (5.3)  

 CDIF at − 70 ℃ = {
0.007 log 𝜀̇ + 1.041     𝜀̇ ≤ 30 𝑠−1  

0.527 log 𝜀̇ + 0.238     𝜀̇ > 30  𝑠−1 
      (5.4)  

 CDIF at − 160 ℃ = {
0.001 log 𝜀̇ + 1.008         𝜀̇ ≤ 30 𝑠−1   

0.427 log 𝜀̇ + 0.349          𝜀̇ > 30 𝑠−1  
      (5.5)  

A unified model was utilised to gain a single equation to understand how DIF changed 

not only with strain rate but also with temperature in a continuous manner. It also enabled 

to predict CDIF values for temperatures and strain rates that were not directly tested. The 

following Equation (5.6) was obtained based on the experimental results in Appendix I. 

Figure 5.13 compares the outcomes of Equation (5.6) with the experimental results 

presented in Appendix I. The coefficient of determination (R2) values was 0.96, which 

indicated a strong correlation between the forecasted and observed CDIFs, supporting a 

reliability and accuracy of the prediction formula. 

CDIF = 0.557 + 0.001×T + 0.284× log 𝜀̇ + 0.059× (log 𝜀̇)2 + 0.0001×T× log 𝜀̇      (5.6) 

where T symbolises temperature in °C, -160 °C ≤ 𝑇 ≤ 20 °C; 𝜀̇ represents as the strain 

rate, 38.5 s-1 ≤ 𝜀̇ ≤ 165.81 s-1. 
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Figure 5.13 Comparison of predicted CDIFs to experimental results. 

Figure 5.14 depicts the aggregated data and estimates for the TDIFs of CUHPC. The 

figure also compared the experimental data with the models proposed by CEB-FIP model 

code [172] as Equation (5.7) and Malvar and Crawford [173] as Equation (5.8), both of 

which used uniaxial compressive strength of 160 MPa at room temperature. It revealed 

that neither the CEB-FIP model code [172] nor Malvar and Crawford [173] adequately 

described the TDIFs of CUHPC at high strain rates. The inflection points, which 

represented the transition from the static to the dynamic regime, also did not align well 

with the observed data. The CEB-FIP model predicted an inflection point at 30 s-1, while 

the Malvar and Crawford model suggested an inflection point at 1 s-1, both of which did 

not match the experimental findings. In contrast, Park et al. [197] proposed a different 

relationship for the TDIFs of CUHPC, with a reported transition strain rate of 25 s-1. 

Furthermore, Yang et al. [198] have pointed out that the inflection point in the TDIF-

strain rate relationship can be influenced by various factors, like the fibre shape (straight, 

twisted, or hooked), matrix strength and fibre volume fraction. In the current study, the 
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inflection points were determined to be 1 s-1 at 20, -70 and -160 ℃, the same as Malvar 

and Crawford [173].  

 T𝐷𝐼𝐹 =
𝑓𝑇

𝑓𝑇𝑠
= {

(
𝜀̇

𝜀𝑠
)1.016𝛼     for 𝜀̇  ≤  30 s−1

𝛾(
𝜀̇

𝜀𝑠
)1/3       for 𝜀̇  >  30 s−1

     (5.7)  

where 𝜀𝑠 is equal to 3× 10-6 s-1, 𝛼 = 1

10+6𝑓′𝑐/10
 and 𝑓′𝑐is uniaxial compressive strength, 

𝛾 = 10(7.11α-2.33). 

 T𝐷𝐼𝐹 =
𝑓𝑇

𝑓𝑇𝑠
= {

(
𝜀̇

𝜀𝑠̇
)𝛿             for 𝜀̇  ≤  1 s−1

𝛽(
𝜀̇

𝜀𝑠̇
)1/3       for 𝜀̇  >  1 s−1

     (5.8) 

where 𝑓𝑇 and 𝑓𝑇𝑠 represent the dynamic as well as static tensile strength, respectively. 

10-6 ≤  𝜀̇ ≤ 160 s-1, 𝜀𝑠̇ = 1× 10-6 s-1, 𝛿 = 1

1+8𝑓′𝑐/10
 , 𝑓′𝑐is uniaxial compressive strength 

and log 𝛽 = 6𝛿 − 2. 

The empirical formulae of TDIFs for CUHPC at 20, -70 and -160 °C were derived and 

showed in Equations (5.9) - (5.11). The fitting curve for each temperature presents in 

Figure 5.14. It demonstrated that the empirical formula derived in the study could 

accurately match the experimental data for the TDIFs of CUHPC, indicating a high degree 

of precision and reliable predictive capabilities for model. It can be observed that with 

decrease in temperature, the TDIFs increased dramatically for CUHPC, showing the 

highest rate sensitivity at -160 °C. At a strain rate of approximately 20 s-1, the TDIFs of 

CUHPC at ambient temperature were 11.00% and 35.50% lower than at -70 and -160 °C, 

respectively. In addition, the TDIFs of CUHPC at -70 and -160°C exceeded those at 

ambient temperature by 11.26% and 23.38% at a strain rate nearly 40 s-1. Similarly, at a 

strain rate of around 60 s-1, the TDIFs of CUHPC were 7.19% lower at ambient 

temperature than at -70°C, and 28.01% lower than at -160°C. The TDIFs of CUHPC in 

specific strain rate 80 s-1 at  -70 and -160 °C had a spectacular rise of nearly 17.33% and 
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29.24% compared with those at the room temperature, respectively. The TDIFs of 

CUHPC showed an increasing tendency as the temperature decreased, indicating a high 

sensitivity to strain rate under lower temperature conditions. 

The hypothesis for this phenomenon is as follows. As temperatures drop, ice crystals 

progressively form within the micro-cracks and pores of the concrete. These ice 

formations act as natural bridges across the micro-cracks and strengthen the bond between 

aggregate particles and the surrounding cement paste [101]. As water in the pores freezes, 

it forms an ice skeleton within the concrete microstructure. This ice network can 

effectively enhance the internal structure of the concrete at low temperatures. The pre-

stressed state induced by the formation of the ice veins can retard or inhibit the initiation 

and growth of internal cracks within the material. On the other hand, the bond between 

steel fibres and the concrete matrix improves at lower temperatures [104, 191]. This 

enhancement is primarily attributed to the increased frictional resistance that develops 

under cryogenic conditions. A comparison between NSM [186] and CUHPC at cryogenic 

conditions (-160 °C) and a high strain rate (80 s-1) revealed a significant difference in the 

TDIF. It found that the TDIF of NSM which data based on the results from Chi et al. 

[186] was 1.61 times greater than that of CUHPC under -160 °C at the strain rate of 80 s-

1. It was important to note that the primary distinction between these two materials was 

the presence of steel fibres in CUHPC, as neither contained coarse aggregates. Kim et al. 

[191] found out that deeper and more severe scratches on the surface of the fibres after 

testing them under cryogenic conditions, which indicated an improvement of their ability 

to resist being pulled out of the concrete. 
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Figure 5.14 TDIFs for CUHPC at low temperature. 

 

 TDIF at 20 ℃ = {
0.013 log 𝜀̇ + 1.078        𝜀̇ ≤ 1 𝑠−1  

0.975 log 𝜀̇ + 0.790       𝜀̇ > 1  𝑠−1 
      (5.9)  

 TDIF at − 70 ℃ = {
0.027 log 𝜀̇ + 1.160     𝜀̇ ≤ 1 𝑠−1  

1.356 log 𝜀̇ + 0.395     𝜀̇ > 1  𝑠−1 
      (5.10)  

 TDIF at − 160 ℃ = {
0.047 log 𝜀̇ + 1.281               𝜀̇ ≤ 1 𝑠−1   

1.489 log 𝜀̇ + 0.544               𝜀̇ > 1 𝑠−1  
      (5.11)  

Like CDIFs, a single equation to predict TDIFs of CUHPC was created based on 

experimental data in Appendix J. Figure 5.15 shows the results of comparing the 

empirical formula with the experimental data. The coefficient of determination (R2) for 

Equation (5.12) was 0.95, demonstrating a greater level of accuracy in predicting the 

TDIFs of CUHPC at low temperature with various strain rate. 

TDIF = 0.9614 − 0.002×T + 0.702× log 𝜀̇ + 0.119× (log 𝜀̇)2 − 0.0005×T× log 𝜀̇   (5.12) 

where T stands for temperature in °C, -160 °C ≤ 𝑇 ≤ 20 °C; 𝜀̇ represents as the strain 

rate, 19.89 s-1 ≤ 𝜀̇ ≤ 81.32 s-1. 
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Figure 5.15 Comparison of predicted TDIFs to experimental results. 

5.7 Limitations 

While this study provides valuable information about CUHPCs' dynamic behaviour at 

low and cryogenic temperatures, it is important to acknowledge its limitations. The 

research primarily focused on macroscopic mechanical properties and did not delve 

deeply into the microstructural mechanisms underlying the observed dynamic behaviour. 

Advanced microstructural characterisation techniques such as X-ray computed 

tomography (CT) scanning and SEM would be beneficial for future studies to provide a 

more comprehensive understanding of the material's behaviour. CT scanning could 

enable three-dimensional visualisation and quantification of internal void distribution, 

crack propagation patterns, and pore structure evolution at different temperatures. 

Similarly, high-resolution SEM analysis would allow detailed examination of the ITZ 

between aggregates and cement paste, revealing potential microstructural changes, ice 

crystal formation mechanisms, and their impact on bond strength at cryogenic 

temperatures. Such advanced imaging techniques would help establish direct correlations 

between microstructural alterations and the observed macroscopic mechanical properties, 
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particularly in understanding the role of pore size distribution, ice crystallisation patterns, 

and ITZ degradation in the dynamic response of CUHPC under extreme temperature 

conditions. 

5.8 Summary 

In view of the comprehensive experimental investigation presented in the current study, 

several key conclusions can be drawn regarding the dynamic behaviour of CUHPC at low 

and cryogenic temperatures: 

• CUHPC exhibited superior resistance to damage and fragmentation, especially 

under dynamic loading conditions at low temperatures. The failure patterns of 

CUHPC were characterised by more localised cracking and reduced disintegration, 

even at high strain rates and cryogenic temperatures.  

• The dynamic compressive strength of CUHPC increased significantly with strain 

rate across all temperature conditions. However, the rate of strength increase 

slowed down at higher strain rates (above 120 s-1). At a given strain rate, the 

dynamic compressive strength of CUHPC was higher at the lower temperatures, 

with the highest strength observed at -160 °C. 

• The dynamic compressive elastic modulus of CUHPC exhibited a complex 

relationship with temperature. It was the highest at -70 °C owing to the ice filling 

and binding effects within the concrete pores, but decreased at -160 °C resulting 

from the thermal expansion mismatch between the CUHPC constituents. 

• Under dynamic splitting tensile loading, CUHPC displayed a transition in failure 

modes from shear failure at lower strain rates to tensile failure at higher strain 

rates. The damage severity was more pronounced at lower temperatures (-70 and 

-160 °C) in comparison with room temperature. 
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• The relationship between dynamic compressive and splitting tensile strength at 

various temperature was derived.  

• DIFs in compression of CUHPC decreased with decline in temperature, indicating 

reduced strain rate sensitivity at lower temperatures. In contrast, DIFs in tension 

of CUHPC increased when the temperature went down. 

The experimental investigation of CUHPC under cryogenic conditions yields significant 

implications for structural design and construction in extreme cold environments. 

CUHPC demonstrated superior performance in terms of ductility, controlled failure 

modes, and reduced strain rate sensitivity under dynamic loading conditions at low and 

extremely low temperatures. The observed enhancement in compressive and tensile 

strengths at -70 °C and -160 °C facilitates the development of more efficient structural 

sections while simultaneously providing higher safety factors for specialised 

infrastructure such as ACLNG storage facilities and arctic installations. This rendered 

CUHPC a more suitable material for concrete infrastructure subjected to coupled extreme 

environmental and loading conditions, such as those encountered in cryogenic storage 

facilities or other harsh environments. However, the documented strain rate sensitivity 

variations—specifically decreased compressive DIFs and increased tensile DIFs at lower 

temperatures—necessitate a recalibration of dynamic amplification factors in impact-

prone regions. Furthermore, the transition toward more brittle failure modes at cryogenic 

temperatures, particularly under high strain rates, underscores the requirement for 

advanced reinforcement strategies and confinement techniques to ensure structural 

integrity during extreme loading events.
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Chapter 6. EXPERIMENTAL STUDY ON DYNAMIC 

CHARACTERISATION OF CEMENT BASED ULTRA-HIGH 

PERFORMANCE CONCRETE AFTER CRYOGENIC FREEZE-

THAW CYCLES 

6.1 Introduction 

The increasing demand for advanced construction materials capable of withstanding 

extreme environmental conditions has prompted extensive research into CUHPC. This 

study investigated the dynamic compressive properties of CUHPC after FT cycles. 

CUHPC specimens were exposed to 2, 4 and 8 FT cycles at -160 °C before being tested 

under dynamic loading conditions at the strain rate of 80, 130 and 180 s-1 by the use of a 

SHPB device. The effects of strain rate and FT cycles on the compressive strength, energy 

absorption capacity, and microstructural changes of CUHPC were examined. Results 

revealed that dynamic compressive strength increased with strain rate for all FT cycle 

conditions. The study also found that the CDIF of CUHPC was influenced by FT 

exposure, higher CDIFs were observed after more FT cycles. The CDIF after 4 and 8 FT 

cycles increased 1.31% and 2.61%, respectively, in comparison with 2 FT cycles at the 

strain rate of 130 s-1. Repeated FT cycles led to progressive deterioration of the CUHPC 

matrix and fibre-matrix interface, as evidenced by Scanning Electron Microscopy (SEM) 

analysis. After 8 FT cycles, the Calcium Silicate Hydrate (C-S-H) structure experienced 

further damage, with noticeable cracks forming between the steel fibres and matrix, 

indicating a weakening of the bond between these components. The behaviour and 

durability of CUHPC under extreme environmental and dynamic loading conditions are 

better understood during this research. 
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6.2 Experimental setup 

6.2.1 Material and specimen preparation 

The CUHPC mixture utilised 42.5 grade ordinary Portland cement, supplemented with 

reactive silica fumes to enhance the formation of calcium silicate hydrate. Micro straight 

steel fibres, comprising 2% of the mixture by volume, were manually dispersed to ensure 

uniform distribution and random orientation in the CUHPC matrix. The properties of steel 

fibre are listed in Table 5.1 and the detailed composition of CUHPC is proportioned as 

per Table 5.2. The CUHPC was mixed in a lab concrete mixer and then poured into 70 

mm inner diameter PVC pipe moulds. Following appropriate curing, the samples were 

demoulded and precision-cut into cylinders with dimensions of 70 mm in diameter and 

35 mm in height for the tests. To guarantee an even distribution of load during the testing 

process, the end faces of each specimen were machined to a high degree of smoothness 

and parallelism, achieving a surface roughness of 0.02 mm. This preparation process was 

essential to obtain reliable and consistent results in the subsequent dynamic compression 

experiments. 

6.2.2 Cryogenic FT cycle procedure 

The cryogenic FT cycle procedure for CUHPC specimens was conducted to evaluate the 

cumulative effects of repeated exposure to extreme low temperatures regarding dynamic 

compression behaviour. The protocol involved subjecting the samples to a controlled 

cooling process within a low-temperature chamber (see Figure 4.3). The specimens were 

cooled at a rate of 1 °C per minute to the target cryogenic temperature of -160 °C. Upon 

attaining this temperature, the samples were kept in the chamber for additional 4 hours to 

ensure thermal equilibrium throughout the specimen. Following the cold exposure phase, 
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the specimens were removed from the chamber and allowed to thaw and equilibrate at 

ambient room temperature for a period of 24 hours. This process is defined as one 

complete FT cycle. To assess the progressive impact of cyclic cryogenic exposure, the 

experiment was designed with 2, 4 and 8 FT cycles. Figure 6.1 shows concrete samples 

after 2, 4 and 8 times FT cycles.  

 

Figure 6.1 Sample specimens after various number of FT cycles. 

6.3 Quasi-static tests 

The uniaxial compression tests on CUHPC were conducted using cylindrical specimens 

as mentioned in Section 6.2.1. The samples underwent the cryogenic FT cycle process as 

previously described. The tests were performed on a 300-ton hydraulic testing machine 

at a loading rate of 0.5 mm/min.  

The uniaxial compressive strength of CUHPC after 0, 2, 4 and 8-times FT cycles were 

obtained as shown in Figure 6.2. It exhibited a clear correlation between the number of 

FT cycles and the compressive strength of CUHPC. Without FT cycles, CUHPC 

demonstrated its compressive strength of 161.46 MPa. A gradual deterioration in its 

compressive strength was observed as the material was subjected to more FT cycles. The 

compressive strength after 2 and 4 times of FT cycle was around 159.60 and 155.72 MPa, 
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respectively. After 8 FT cycles it exhibited the lowest compressive strength, 

approximately 151.51 MPa, which has lost approximately 6.5% of its initial compressive 

strength. Similar to conventional concrete, this decline in compressive strength was 

attributed to the cumulative damage induced by repeated FT cycles. Notably, CUHPC 

performed better in preserving its mechanical strength after FT cycles when compared 

against NSC, previous study on NSC lost about 6%, 15% and 27% after 2, 4 and 8 FT 

cycles [199]. 

 

Figure 6.2 The relationship between varying FT cycles and material compressive 
strength. 

6.4 SHPB tests  

Prior to conducting the SHPB tests, the CUHPC specimens of the same size as the static 

compression tests were loaded against the same FT cycles as defined in Section 6.2. More 

details were mentioned in Section 4.2.2.3. By plotting the calculated stress against strain, 

stress-strain curves were obtained, allowing for the determination of dynamic 
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compressive strength, modulus of elasticity and other key mechanical properties of the 

CUHPC specimens under high strain rate loading conditions. 

6.4.1 Test results and analysis 

6.4.1.1 Failure characteristics of specimens subjected to combined loading  

Figure 6.3 presents final failure patterns of CUHPC specimens subjected to varying 

numbers of FT cycles (2, 4, and 8) and strain rates (80, 130 and 180 s-1). In terms of 2 FT 

cycles, the specimen maintained its integrity with minor surface cracks at strain rate of 

81.90 s-1. As strain rates increased to 131.14 s-1 and 180.29 s-1, progressive damage was 

observed, culminating in significant fragmentation and spalling at the highest rate. While 

for 4 FT cycles, the damage pattern was similar to 2 FT cycles, but with enhanced 

deterioration. At 86.76 s-1, surface cracks were more pronounced. The specimen at 131.72 

s-1 showed increased fragmentation, while at 175.48 s-1, severe disintegration was evident. 

The most severe damage was observed after 8 FT cycles. Even at the lowest strain rate 

(82.99 s-1), significant surface degradation was visible. At 130.31 s-1, large fragments 

separated from the core. The specimen at 193.61 s-1 completely disintegrated into small 

fragments. 

The number of FT cycles played a crucial role in the degradation of CUHPC's dynamic 

compressive strength. When the number of cycles increased from 2 to 8, the specimens 

exhibited progressively worse damage at comparable strain rates. This observation 

suggested that repeated FT cycles caused cumulative damage within the CUHPC 

microstructure. FT cycles induced expansive forces within the concrete matrix due to 

water freezing and thawing. The degradation was attributed to the formation of micro 

cracks within the hardened cement matrix, caused by the expansive forces of water as it 

transformed into ice. Monteiro et al. [200] provided further evidence for this phenomenon 
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in their research, which revealed that multiple freeze-thaw cycles led to the development 

of micro-cracks in close proximity to pore spaces within the hardened cement paste. This 

process created microcracks and weakened the internal structure of the CUHPC, resulting 

in microstructure damage. 

   

81.90 s-1 131.14 s-1 180.29 s-1 

(a) 2 FT cycles 

   

86.76 s-1 131.72 s-1 175.48 s-1 

(b) 4 FT cycles 

   

82.99 s-1 130.31 s-1 193.61 s-1 

(c) 8 FT cycles 
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Figure 6. 3 Dynamic compressive failure modes of CUHPC after FT cycles. 

Figure 6.4 depicts the failure process of CUHPC after 2, 4 and 8 FT cycles at the strain 

rate of roughly 130 s-1, as captured by an ultra-high-speed camera. It showed the gradual 

evolution of damage, with the formation and propagation of cracks becoming increasingly 

evident over time, culminating in the final failure of the specimen. A more developed 

network of cracks was evident after 4 FT cycles, indicating a higher degree of damage 

accumulation as compared to after 2 FT cycles. Also, the CUHPC specimen after 8 FT 

cycles showed widespread cracking and a highly fragmented internal structure, 

suggesting advanced deterioration in contrast with 2, and 4 cycles. It is noteworthy that 

when compared to NSC [199] under ultra-high-speed camera observation, the CUHPC 

specimens subjected to 2 and 4 FT cycles exhibited less pronounced microcracking at a 

similar time frame of 65 μs. This reduced prevalence of microcracks in CUHPC may be 

caused by the bridging effect of steel fibres within the matrix. The inclusion of steel fibre 

reinforcement in CUHPC potentially contributed to enhanced crack resistance and 

improved cohesion of the composite material under dynamic loading conditions, even 

after exposure to FT cycles. The comparison of Figure 6.4 (a), (b) and (c) clearly 

demonstrated that when the number of FT cycles rose, the crack density and overall 

damage in the CUHPC material became more severe. 
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(a)  

(b)  

(c)  
Figure 6. 4 Failure process of CUHPC after FT cycles under dynamic axial 

compression. 

 



 
 

144 
 

6.4.1.2 Effect of cryogenic FT cycles on strain rate 

This study investigated the influence of strain rate as well as cryogenic FT cycles on the 

dynamic compressive behaviour of CUHPC. The results, presented in Figure 6.5, 

demonstrate a remarkable increase in dynamic compressive strength with strain rates. 

Unsurprisingly, at 20 ℃ without FT cycle, the specimen showed markedly increases in 

strength at various strain rates. Specifically, at a strain rate of 78.86 s⁻¹, the strength 

increased by 31.56%. At 134.13 s⁻¹, a more substantial increase of 54.86% was observed. 

The most dramatic improvement was seen at the highest strain rate of 177.67 s⁻¹, where 

the strength increased by 56.27%. These results revealed a clear correlation between 

increasing strain rates and enhanced dynamic strength.  

After 2 FT cycles, the specimen demonstrated substantial enhancements in dynamic 

strength, with increases of 32.01%, 51.55%, and 60.93% at strain rates of 81.9 s⁻¹, 131.14 

s⁻¹, and 179.26 s⁻¹, respectively, when compared to the static strength under identical FT 

conditions (see Figure 6.5(b)).  

After 4 FT cycles, the dynamic stress-strain curves maintained a similar trend to those 

observed after 2 FT cycles, with peak stresses consistently rising at higher strain rates. 

The dynamic compressive strength showed signal increases of 43.46%, 49.94%, and 

66.99% at strain rates of 82.86 s⁻¹, 131.72 s⁻¹, and 180.81 s⁻¹, respectively, relative to the 

static strength under the same FT exposure (see Figure 6.5(c)).  

After 8 FT cycles, the specimen exhibited dynamic strength increments of 42.55%, 

51.45% and 80.48% at strain rates of 80.95 s⁻¹, 130.31 s⁻¹, and 193.61 s⁻¹, respectively, 

when compared to the uniaxial compressive strength under identical FT conditions. 
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                       (a) without FT cycles                                            (b) 2 FT cycles 

  

     (c) 4 FT cycles                                                 (d) 8 FT cycles 

Figure 6. 5 Dynamic compressive stress-strain curve after various FT cycles. 

Figure 6.6 (a), (b) and (c) shows stress-strain curves for CUHPC subjected to different 

numbers of FT cycles at various strain rates, corresponding to strain rates of 

approximately 80 s⁻¹, 130 s⁻¹, and 180 s⁻¹, respectively. The stress-strain curves exhibited 

notable differences between samples subjected to varying FT cycles. As the number of 

FT cycles increased, a pronounced nonlinearity emerged in the material's response, 

particularly evident in the early to mid-strain ranges. This FT-induced nonlinearity 

showed as curved initial responses, multiple inflection points, and regions of varying 

stiffness throughout the deformation process. The effect was most significant at lower 
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strain rates and became more pronounced with an increasing number of FT cycles. In 

contrast, samples without FT exposure demonstrated a more conventional stress-strain 

relationship, characterised by a distinct linear elastic region followed by yielding and 

strain softening. The FT cycled specimens exhibited reduced initial stiffness as compared 

to samples without FT cycle. 

(a)  (b)  

(c)  

Figure 6. 6 Comparison of stress-strain curve with various FT cycles under same strain 
rate: (a) 80 s-1 (b) 130 s-1 (c) 180 s-1. 

6.4.1.3 Dynamic constitutive model of CUHPC after FT cycles 

The Zhu–Wang–Tang (ZWT) constitutive model [201] was employed to characterise the 

dynamic stress-strain relationship of CUHPC subjected to FT cycling. The ZWT model 

is a commonly used model for describing the dynamic behaviour of various materials 

[202-204]. This model, based on viscoelastic principles, incorporated both nonlinear and 

linear transient responses [205] to accurately represent material behaviour under dynamic 
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loading conditions. The mechanical model of the ZWT constitutive equation can be 

composed of one nonlinear transient response model and two Maxwell models, which 

can be defined as, 

 𝜎 = 𝐸0𝜀 + 𝛼𝜀2 + 𝛽𝜀3 + 𝐸1 ∫ 𝜀̇exp (−
𝑡−𝜏

𝜃1

𝑡

0
)𝑑𝜏 + 𝐸2 ∫ 𝜀̇exp (−

𝑡−𝜏

𝜃2

𝑡

0
)𝑑𝜏  (6.1)  

where σ, ε and 𝜀̇ denote stress, strain and average strain rate; 𝐸0, α, β are elastic constants 

to explain the nonlinear transient response model; the first Maxwell model (with 

parameters E₁ (elastic constant 1), 𝜃₁ (relaxation time 1)) is to explain the viscoelastic 

response at low strain rates (quasi-static compression); the second Maxwell body (with 

parameters E₂ (elastic constant 2), 𝜃₂ (relaxation time 2)) is to explain the viscoelastic 

response at high strain rates (dynamic impact). 

In dynamic impact scenarios, the short duration of impact experiments did not have 

sufficient time to relax and can be replaced by an elastic element. As a result, the first 

Maxwell element can be approximated as a purely elastic spring, allowing the elastic 

moduli 𝐸0 and 𝐸1 to be combined [202, 206]. Consequently, Equation (6.1) can be 

simplified as follows, 

 𝜎 = 𝐸0𝜀 + 𝛼𝜀2 + 𝛽𝜀3 + 𝐸2 ∫ 𝜀̇exp (−
𝑡−𝜏

𝜃2

𝑡

0
)𝑑𝜏      (6.2)  

The degradation of concrete is primarily driven by the development of internal damage 

such as microcracks. These damages, including microcracks, cause a weakening effect on 

the macroscopic level. The damage parameter D can then be expressed as [207], 

 𝜎𝑎 = 𝜎(1 − 𝐷)      (6.3)  

when D = 0, it indicates the material is undamaged. If D = 1, it signifies the material has 

completely lost its load-bearing capacity. 
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According to Wang et al. [208, 209], the cementitious materials' parameter D can be stated 

as follows, 

    𝐷 = {
0                                        𝜀 ≤ 𝜀𝑡ℎ

𝐾𝐷𝜀̇(𝐴−1)(𝜀 − 𝜀𝑡ℎ)𝐵     𝜀 > 𝜀𝑡ℎ
                                   (6.4)  

where 𝐾𝐷 , A and B are the material parameters; εth stands for the threshold strain of 

material cumulative damage. 

The dynamic behaviour of CUHPC after exposed FT cycles, accounting for material 

damage, can be described by the constitutive equation presented in Equation (6.6). 

     𝜎𝑎 = 𝐾𝐷𝜀̇(𝐴−1)(𝜀 − 𝜀𝑡ℎ)𝐵 [𝐸0𝜀 + 𝛼𝜀2 + 𝛽𝜀3 + 𝐸2 ∫ 𝜀̇exp (−
𝑡−𝜏

𝜃2

𝑡

0
)𝑑𝜏]            (6.5)  

Based on the updated ZWT constitutive model, the predicted stress-strain curves of 

CUHPC after varying FT cycles are presented in Figure 6.7. The model matched the 

experimental data across all FT cycle conditions, indicating its accuracy in predicting 

CUHPC behaviour. Table 6.1 summarises the constitutive model parameters used to fit 

the CUHPC behaviour under different FT cycles and strain rates. 

 

                              (a) 2 FT cycles                                            (b) 4 FT cycles 
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(c) 8 FT cycles 

Figure 6.7 Comparison between experimental data and predicted model after FT cycles. 

Table 6. 1 Constitutive model parameters for fitting CUHPC under different FT cycles. 

No. 
FT 

Strain 
rate (s-1) 

𝐸0 
(GPa) 

𝐸2 
(GPa) 

𝜃2 
(μs) 

𝐾𝐷 
 

α 
(GPa) 

A 
 

B 
 

𝜀𝑡ℎ 𝑅2 

2 81.90 5.52 41.92 0.04 53 1.63 2.11 0.16 4.19E-3 0.97 
2 131.14 5.52 52.45 0.63 50 1.63 2.07 0.04 4.19E-3 0.90 
2 179.26 5.52 93.71 0.45 50 1.63 2.03 0.17 4.19E-3 0.93 
4 86.86 5.52 34.53 0.21 50 0.97 2.05 0.18 4.19E-3 0.94 
4 131.72 5.52 54.38 0.64 50 0.97 2.07 0.62 4.19E-3 0.93 
4 180.81 5.52 77.18 0.33 50 0.97 2.03 0.07 4.19E-3 0.98 
8 80.95 5.52 62.92 0.27 30 0.61 2.03 0.06 4.19E-3 0.98 
8 130.31 5.52 65.94 0.88 30 0.61 1.93 0.07 4.19E-3 0.97 
8 193.62 5.52 60.61 0.43 30 0.61 1.43 0.16 4.19E-3 0.88 

 

6.4.1.4 Specific energy absorption 

During SHPB test, 𝑊𝑖 , 𝑊𝑟 , 𝑊𝑡  are the energy caused by incident, reflected as well as 

transmitted wave, respectively. The energy absorbed by the specimen 𝑊𝑠 , can be 

expressed as [210, 211], 

 𝑊𝑠 = 𝑊𝑖 − 𝑊𝑟 − 𝑊𝑡       (6.6)  

According to Fu et al. [212], Specific Energy Absorption (𝑆𝐸𝐴) refers to the amount of 

stress wave energy absorbed per unit volume of concrete. It is computed as follows, 
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 𝑆𝐸𝐴 =
𝐸𝐶0𝐴𝑒

𝐴𝑠𝐿
[𝜀𝑖

2(𝑡) − 𝜀𝑟
2(𝑡) − 𝜀𝑡

2(𝑡)]𝑑𝑡      (6.7)  

The parameters in Equation (6.8) have been mentioned previously. 

To explore the impact of FT cycles in relation to the dynamic behaviour of CUHPC 

specimens, the energy absorption capacity of the CUHPC specimens is analysed. Figure 

6.8 shows that the SEA of CUHPC after 0-, 2,4- and 8-times cryogenic FT cycles. As the 

strain rate increased, the SEA of CUHPC rose in a nearly linear fashion. Without FT 

cycles, the CUHPC exhibited the highest energy absorption capacity at most strain rates. 

This could be ascribed to the presence of steel fibres. The limited time for crack 

propagation might lead to a more effective bridging action by the fibres, enhancing energy 

dissipation through fibre pull-out and debonding [213]. This would contribute to a higher 

energy absorption capacity despite the presence of microcracks. Furthermore, the 

efficiency of fibre pull-out in absorbing energy was highly dependent on the fibre-matrix 

bond. Stronger bonds, potentially achieved through the use of supplementary 

cementitious materials [214], can promote more energy absorption during fibre pull-out 

before interfacial debonding occurs.  

However, as the number of FT cycles increased to 2, 4 and 8, there was a slight decline 

in energy absorption. For example, the SEA of CUHPC after 2, 4 and 8 FT cycles was 

reduced by 18.12%, 27.47% and 32.00% as compared to the scenario without FT cycle 

with the strain rate approximately 80 s-1. CUHPC's energy absorption capacity diminished 

with more FT cycles, exhibiting a 7.55% reduction after 2 cycles, a 10.25% decline after 

4 cycles and a 15.69% reduction after 8 cycles as compared to 0 cycles, when tested at a 

strain rate of about 130 s-1. This phenomenon possibly indicated the degradation of the 

concrete matrix or fibre-matrix interface. Initial FT cycles might induce micro-cracks 
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[215] that contributes to energy dissipation, potentially creating preferential pathways for 

crack propagation and reducing the overall energy absorption capacity. 

 
Figure 6. 8 The energy absorption of CUHPC after FT cycles. 

6.5 Dynamic increase factors in compression 

While the CEB-FIP model code [172] has demonstrated relatively good accuracy in 

describing the evolution of the CDIF for both NSC and HSC, its application to CUHPC 

reveals some limitations [213]. The experimental results from the present study aligned 

well with previous investigations by Hassan and Wille [216], Ren et al. [217] and Hou et 

al. [218], all of which examined CUHPC with 2% steel fibre reinforcement at room 

temperature (see Figure 6.9).  
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Figure 6. 9 Comparison of CDIFs from different experimental tests and model. 

Figure 6.10 presents the variations in CDIF for CUHPC subjected to cryogenic FT cycles 

ranging from approximately 80 to 200 s-1. The CDIF is a measure of the relative 

enhancement in dynamic compressive strength as compared to the static strength at a 

specific strain rate. There were four conditions showed in the figure, including CUHPC 

at 20 °C (without FT cycle) [219] and after 2, 4 and 8 FT cycles. For all conditions, the 

CDIFs exhibited a clear increasing trend with higher strain rates. The FT cycles appeared 

to influence the strain rate sensitivity of CUHPC. After 2 FT cycles, the CDIF values 

were generally higher than the room temperature condition. For instance, the CDIF of 

CUHPC increased up to 7.14% after 2 FT cycles in contrast to those at 20 °C with strain 

rate approximately 130 s-1. With the increase in FT cycles to 4 and 8, the CDIF curves 

shifted upwards. This indicated that cryogenic FT exposure could lead to a more 

pronounced rate-sensitive behaviour. Repeated freeze-thaw cycles can induce internal 

stresses within the CUHPC matrix due to the expansion and contraction of water. This 

can lead to the formation of microcracks, which act as stress concentrators and weaken 

the overall material [220]. Under dynamic loading, these pre-existing cracks can 
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propagate more easily, negating the potential benefit of limited crack propagation time at 

higher strain rates. 

In fact, when compared to NSC [199], the increase ratios of  CDIF for CUHPC after FT 

cycles were much lower (there was no coarse aggregate for both materials). For example, 

the CDIFs of NSC exhibited an approximate increase of 18.71% and 27.10% after 4 and 

8 FT cycles as compared to 2 FT cycles, while CDIFs of CUHPC increased by 8.33% and 

10.61% after 4 and 8 FT cycles in comparison with 2 FT cycles both at the strain rate of 

80 s-1. This phenomenon was likely contributed to the steel fibres. These fibres could 

enhance energy absorption and delay crack propagation, especially at high strain rates. 

The effectiveness of fibres in CUHPC was directly linked to their bonding mechanism 

with the surrounding matrix [221]. 

To predict the CDIFs of CUHPC after FT cycles at high strain rates, the fitting curves 

were obtained and presented in Equations (6.8) - (6.10). The coefficients of determination 

(R²) values, which reflected the percentage of variance in the dependent variable that 

could be accounted for by the independent variables, were 0.92, 0.87 and 0.86, 

respectively, for these formulae. This indicated a good correlation between the 

experimental data and the derived equations, demonstrating the reliability in representing 

the observed behaviour.  
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Figure 6. 10 Variations of CDIF for CUHPC after cryogenic FT cycles. 

 CDIF after 2 FT cycles = 0.877 log 𝜀̇ − 0.352     81.90 ≤ 𝜀̇ ≤ 262.31  𝑠−1 (6.8) 

 CDIF after 4 FT cycles = 0.757 log 𝜀̇ − 0.069     82.86 ≤ 𝜀̇ ≤ 260.04  𝑠−1  (6.9)  

 CDIF after 8 FT cycles = 0.861 log 𝜀̇ − 0.227     80.95 ≤ 𝜀̇ ≤ 273.45 𝑠−1  (6.10)  

 

6.6 Microscopy analysis 

SEM was employed to examine the microstructure of the CUHPC matrix and ITZ after 

exposure to 0, 2, 4 and 8 FT cycles (see Figure 6.11). It can be observed from the scenario 

without FT cycle that the matrix exhibited a dense and compact structure with a 

continuous C-S-H gel, white flaky calcium hydroxide crystals, and unhydrated 

cementitious materials. Very fine silica fume and fly ash particles filled the pores between 

cement particles, and the junction between steel fibres and the concrete matrix exhibited 

a tight, well-bonded interface, indicating good adhesion. After 2 FT cycles, there was a 

slight increase in both the size and quantity of pores in contrast with 0 cycles, but the 

bond between steel fibres and the matrix still showed relatively intact, with no significant 

visible deterioration, which was in line with the results reported by Kim et al. [104].  
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Microcracks began to appear in the structure after 4 FT cycles which was owing to the 

freezing and thawing of free water in the pores. Pores became more visible and numerous. 

Cracks started to form between the steel fibres and the matrix, indicating the inception of 

bond degradation. After 8 FT cycles, the C-S-H gel structure exhibited more disruption, 

and pores were more pronounced and appeared larger as compared to earlier cycles. The 

significant crack was visible between the steel fibres and the matrix, indicating substantial 

degradation of the fibre-matrix bond.  

Overall, as the number of FT cycles increased, there was a progressive deterioration of 

both the matrix structure and the fibre-matrix bond. The matrix became more porous and 

less dense, while microcracks developed and expanded. The interface between steel fibres 

and the concrete matrix weakened considerably, potentially leading to reduced strength 

and durability of the CUHPC material over repeated FT cycles. 
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Figure 6. 11 Mortar matrix and ITZ of CUHPC after FT cycles. 

 



 
 

157 
 

6.7 Summary 

The investigation into the dynamic compressive behaviour of CUHPC subjected to 

cryogenic FT cycles via SHPB technique revealed several important findings, which can 

be drawn as follows: 

• The dynamic compressive strength of CUHPC increased with strain rate, 

regardless of the number of FT cycles experienced. However, the cumulative 

damage from repeated FT cycles resulted in a progressive deterioration of the 

material's microstructure.  

• The SEA of CUHPC decreased with increased number of FT cycles, which 

possibly resulted from the degradation of the concrete matrix or fibre-matrix 

interface. It showed that the C-S-H gel structure within the concrete experienced 

substantial degradation after 8 FT cycles, characterised by increased porosity and 

the formation of prominent cracks between the steel fibres and the matrix, 

suggesting a significant weakening of the fibre-matrix bond. 

• CDIFs increased with higher strain rates and exhibited a more pronounced rate-

sensitive behaviour after repeated FT cycles. CDIFs of CUHPC after 4 and 8 FT 

cycles were approximately 1.08 and 1.11 times greater than 2 cycles at a strain 

rate of 80 s⁻¹. 

• SEM analysis indicated progressive deterioration of the CUHPC matrix and fibre-

matrix bond with increasing FT cycles. The formation of microcracks and 

increased porosity were observed, contributing to the overall reduction in 

mechanical strength. 

In conclusion, while CUHPC demonstrates enhanced dynamic performance and energy 

absorption capabilities, repeated cryogenic FT cycles can significantly impact its 
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microstructure and mechanical properties. These findings underscore the importance of 

considering environmental factors in the design and application of CUHPC structures 

subjected to dynamic loading in extreme conditions. 
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Chapter 7. DYNAMIC BEHAVIOUR OF GEOPOLYMER-BASED 

ULTRA-HIGH-PERFORMANCE CONCRETE AT LOW AND 

CRYOGENIC TEMPERATURE 

7.1 Introduction 

This study investigates the mechanical behaviour of GUHPC under extreme low 

temperatures (-160 ~ 20 °C) and dynamic loading conditions. Experiments were 

conducted at temperatures of 20, -70 and -160 °C, with strain rates ranging from 40 to 

160 s⁻¹ for compression tests and 20 to 80 s⁻¹ for splitting tensile tests. The research 

utilised a Φ100-mm SHPB apparatus for dynamic testing. Results reveal that both 

compressive and splitting tensile strengths of GUHPC increase as temperature decreases 

and strain rate increases. The DIF for both compression (CDIF) and tension (TDIF) was 

found to be higher at lower temperatures, indicating enhanced rate sensitivity in cryogenic 

conditions. The CDIF values at -70 °C and -160 °C were approximately 12% and 22% 

higher, respectively, as compared to the values at 20°C with the strain rate of 160 s⁻¹. The 

TDIFs at -70 °C and -160 °C were 35% and 47% higher, respectively, in comparison with 

the room temperature values at a strain rate of 40 s⁻¹. The study also examined the material 

microstructural change, failure modes, energy absorption capacity, and developed 

empirical formulae for predicting the DIF at various temperatures. X-ray CT scans 

revealed distinct microstructural changes in GUHPC under various temperatures, 

illustrating ice formation, pore structure alterations and microcracking, particularly at 

cryogenic temperatures. These findings contribute to the understanding of GUHPC 

behaviour in extreme environments and have implications for its application in cryogenic 

structures subjected to impact loading. 
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7.2 Experimental details 

7.2.1 Materials and specimen preparation 

In this study, GUHPC specimens were prepared using a carefully designed mix of 

cementitious materials and aggregates. GUHPC specimens were moulded into cylinders 

with dimensions of 70 mm in diameter and 35 mm in height, as illustrated in Figure 7.1, 

suitable for standardised testing of mechanical properties. The binder consisted of 

GGBFS, silica fume and fly ash. The mix proportions, outlined in Table 7.1, show a 

complex blend of materials including 750 kg/m³ of GGBFS, 100 kg/m³ of fly ash, and 

157 kg/m³ of steel fibre, among other components. Quartz sand was used as the primary 

aggregate, with particle size, ranging from fine grains (0.1 to 0.5 mm), medium sand (0.5 

to 1 mm) to coarse grains (up to 2 mm). A mixture of sodium hydroxide (NaOH) powdery 

(99% purity) and sodium silicate (Na2SiO3) solution (40% concentration) was used as an 

alkaline activator to initiate and accelerate the chemical reaction process in the 

cementitious materials [222]. Table 7.2 presents the oxide composition of GGBFS, with 

CaO (39.85%) and SiO2 (31.70%) as the primary components. To improve strength and 

reduce brittleness, straight steel fibres measuring 0.12 mm in diameter and 10 mm in 

length were incorporated, as detailed in Table 5.1.  

 (a)  (b)  

Figure 7. 1 GUHPC specimens for testing (unit: mm). 

 



 
 

161 
 

Table 7.1 Mix proportions of GUHPC (kg/m3) 

GGBFS Water Fly ash Quartz 
sand 

Steel fibre Alkaline 
activator 

Silica fume 

750 71.3 100 910 157 520.6 132 

 

Table 7.2 Oxide composition by weight of GGBFS. 

Elements CaO SiO2 Al2O3 Fe₂O₃ MgO SO3 CO2 MnO 
Content (%) 39.85 31.70 14.60 0.92 8.25 1.85 2.52 0.58 

 

7.2.2 Low-temperature test technology 

Low-temperature test setup for GUHPC under cryogenic conditions presents in Figure 

4.3. The cooling curves presented in Figure 5.4 demonstrate two distinct target 

temperatures: -70 and -160 °C. Upon reaching these predetermined temperatures, the 

specimens maintained at these conditions for a duration of 4 hours. This extended 

exposure period allowed for thorough temperature equilibration throughout the specimen 

and enabled the study of GUHPC behaviour under sustained cryogenic conditions. 

Further detailed of low-temperature test technology can be found in Section 4.2.2.1.  

7.2.3 SHPB test setup 

The SHPB apparatus was employed to investigate the dynamic properties of GUHPC 

under high strain rate conditions (20~160 s-1) at 20, -70 and -160 °C. This experimental 

setup comprised several essential components: a gas gun, which provided the initial 

impulse; a striker bar; an incident bar; a transmission bar; and a buffer bar. The SHPB 

apparatus was adaptable for both compression and splitting tension tests, as indicated by 

Figure 4.6, allowing for comprehensive characterisation of material properties under 

various loading conditions. More details were mentioned in Section 4.2.2.3. 
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7.3 Results and discussion 

7.3.1 Quasi-static tests at low and cryogenic temperatures 

This study investigates the mechanical behaviour of GUHPC under quasi-static loading 

conditions at low and cryogenic temperatures. Compressive and splitting tensile tests 

were performed at 20, -70 and -160 °C to evaluate the material's performance across a 

range of extreme temperature environments. The results, presented in Figure 7.2, 

demonstrate the temperature-dependent nature of GUHPC's mechanical properties. As 

the temperature decreased from ambient to cryogenic levels, both the compressive and 

splitting tensile strengths of the GUHPC specimens exhibited an increase. In terms of 

compression test, it showed a modest but consistent increase in compressive strength as 

the temperature decreased. The uniaxial compressive strength of GUHPC increased about 

2.91% and 4.86% at -70 and -160 °C, respectively, as compared to room temperature. 

While the splitting tensile strength showed a more substantial relative increase, which 

was 18.55% and 50.00% higher when the temperature dropped from room temperature to 

-70 and -160°C, respectively. 

 

Figure 7. 2 Quasi-static results of GUHPC at low temperature. 
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7.3.2 SHPB tests under low temperatures in compression 

7.3.2.1 Effect of low temperature on strain rate 

Figure 7.3 illustrates the relationship between strain rate and dynamic compressive 

strength at three temperatures, including 20, -70 and -160 °C. It showed that compressive 

strength generally increased with strain rate, but the effect was most pronounced at 

cryogenic temperatures. The -160°C condition consistently yielded the highest strength 

values, followed by -70 °C, and then 20 °C. At room temperature, the compressive 

strength increased progressively as strain rates increased from 43.78 s-1 to 160.41 s-1, with 

improvements ranging from 16.62% to 38.53% as compared to static strength. In contrast 

to the static strength at -70 °C, the dynamic compressive strength increased by 24.23%, 

43.66%, 46.63%, and 54.76% at strain rates of 40.04 s-1, 80.26 s-1, 122.60 s-1, and 161.41 

s-1, respectively. The most pronounced effects were seen at -160 °C. Here, 37.97% to 

68.62% strength increase was noted for strain rate 38.05 s-1 and 160.30 s-1, respectively, 

as compared to the static strength at -160 °C. These results demonstrate a consistent trend 

of increasing compressive strength with strain rate across all temperature conditions 

tested, with the effect becoming more pronounced at lower temperatures. 

 

Figure 7. 3 Dynamic compressive stress-strain curve at various temperatures. 
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The relationship between strain rate and dynamic compressive elastic modulus of 

GUHPC under different temperature conditions is plotted in Figure 7.4. It was noted that 

the dynamic compressive elastic modulus increased with strain rate in all temperatures. 

Notably, the -70 °C condition consistently exhibited the highest elastic modulus values, 

particularly at higher strain rates, with a peak around 120 GPa. The room temperature 

data showed a general trend of increasing elastic modulus with strain rate, ranging from 

about 40 to 60 GPa. The -160°C condition displayed values similar to the room 

temperature condition. The phenomenon observed in GUHPC was indeed similar to that 

of cement concrete [199]. The higher elastic modulus at -70 °C and -160°C can be 

explained by several factors. At -70 °C, pore water froze, increasing overall stiffness as 

ice fills voids and created internal prestressing. This temperature represented an optimal 

point for ice formation that enhances stiffness [169]. At the extreme low temperature of -

160 °C, the material likely became excessively brittle, potentially experiencing micro-

damage due to differential thermal contraction and phase changes between ice and 

geopolymer binder, which collectively reduced its elastic modulus. Additionally, at the 

extreme low temperature, volume expansion potentially causing micro-cracking and 

structural changes [196] that reduce the elastic modulus. 
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Figure 7.4 Dynamic modulus of elasticity at various temperatures. 

7.3.2.2 Comparison of impact toughness at low temperatures 

There are normally two different ways to calculate specific energy absorption (𝑆𝐸𝐴), 

including volume-based SEA and mass-based SEA. Both methods for calculating SEA 

demonstrated distinct advantages in material characterisation and analysis. The volume-

based method (Energy/Volume) excelled in structural design applications by obtaining 

energy absorption efficiency, facilitating straightforward scaling calculations, and 

supporting optimisation of structural components where volume was a critical parameter. 

While the mass-based method (Energy/Mass) offered significant advantages in material 

comparison by eliminating density effects, enabling direct comparison between materials 

of different densities, and providing true material efficiency metrics independent of 

density variations [223]. In this study, volume-based method was utilised to gain the SEA 

for GUHPC at low/cryogenic temperature, where it can be calculated by Equations (6.7) 

- (6.8). 
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The impact toughness of GUHPC specimens at different temperatures was evaluated 

using dynamic tests via SHPB device. The dynamic compressive stress-strain 

relationships of GUHPC at 20, -70 and -160 °C are presented in Figure 7.5.   

 

                                (a) at 20 ℃                                                         (b) at -70 ℃ 

 

       (c) at -160 ℃ 

Figure 7.5 Dynamic compressive stress-strain curve at various temperatures. 

Figure 7.6 illustrates the compressive toughness of GUHPC specimens, represented as 

specific energy absorption, across a range of strain rates and temperatures. The results 

demonstrated a clear temperature-dependent behaviour of GUHPC's impact toughness. 

The observations indicated that with a decrease in temperature, the specific energy 
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absorption of GUHPC decreased. This phenomenon aligned with the findings of Jin et al. 

[106], who reported similar temperature-dependent behaviour in CUHPC. This was 

because that the geopolymer matrix became more brittle at lower temperatures. This 

increased brittleness reduced the material's ability to deform plastically, leading to lower 

energy absorption during fracture. On the other hand, the water freeze at low temperature 

can contribute to the formation of microcracks, which can reduce the material's ability to 

absorb energy [106]. 

At room temperature, the specific energy absorption increased significantly with strain 

rate, ranging from approximately 5.2 MJ/m³ at 40 s⁻¹ to 12.9 MJ/m³ at 160 s⁻¹. This trend 

indicated enhanced energy absorption capability under higher loading rates at ambient 

conditions. As the temperature decreased, the overall toughness of GUHPC was reduced, 

but the material still exhibited considerable energy absorption capacity. At -70 °C, the 

specific energy absorption values were lower than those at 20 °C across all strain rates, 

but they follow a similar increasing trend with strain rate. The values range from about 

4.2 MJ/m³ at 40 s⁻¹ to 11.4 MJ/m³ at 160 s⁻¹. Further temperature reduction to -160 °C 

resulted in additional decrease in toughness, particularly at lower strain rates. However, 

it was noteworthy that the energy absorption capacity still improved with strain rate, 

rising from approximately 4.1 MJ/m³ at 40 s⁻¹ to 9.45 MJ/m³ at 160 s⁻¹. The specific 

energy absorption increased with strain rate at all tested temperatures, suggesting that the 

material retained some capacity for dynamic energy absorption even in cold 

environments.  
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Figure 7.6 Compressive toughness of GUHPC specimens at different temperatures. 

7.3.2.3 Comparison of post-test failure patterns in compression 

Figure 7.7 presents the dynamic compressive failure modes of GUHPC specimens 

subjected to various strain rates and temperatures. The specimens exhibited a progressive 

increase in damage severity with rising strain rates. As seen from Figure 7.7(a), at the 

highest strain rate of 158.2 s⁻¹, the specimen displayed significant fragmentation, with 

large pieces detached from the main body, indicating a more catastrophic failure mode at 

20°C. At extreme low temperature (-160 °C), the failure patterns revealed significant 

changes in material behaviour. The specimen at 45.2 s⁻¹ showed minimal external damage, 

indicating high brittleness. As strain rates increased to 82.3 s⁻¹ and 119.2 s⁻¹, distinct crack 

patterns emerge, characterised by larger, more defined fractures as compared to higher 

temperatures. The specimen at 161.5 s⁻¹ exhibited extensive cracking and partial 

fragmentation, but notably retains more of its original shape as compared to specimens at 

higher temperatures. Across all temperature conditions, a clear trend of increasing 

damage severity with strain rates was observed. However, the nature of this damage 
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evolution differs markedly with temperature. At room temperature, failure tends towards 

fragmentation and disintegration at high strain rates. In contrast, at lower temperatures, 

particularly at -160 °C, the specimens exhibited more defined crack patterns and retain 

their overall shape even at high strain rates, suggesting a transition to a more brittle failure 

mode. 

    

38.7 s-1 80.7 s-1 120.1 s-1 160.4 s-1 

(a) at 20 ℃ 

    

40.0 s-1 80.3 s-1 122.7 s-1 162.6 s-1 

(b) at -70 ℃ 

    

38.1 s-1 82.9 s-1 121.7 s-1 161.5 s-1 

(c) at -160 ℃ 
Figure 7. 7 Dynamic compressive failure modes of GUHPC at different temperatures. 
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7.3.3 SHPB tests under low temperatures in split tension 

7.3.3.1 Effect of low temperature on strain rate 

The dynamic splitting tensile properties of GUHPC were evaluated under varying 

temperatures (20, -70 and -160 °C) and strain rates (approximately 20~80 s⁻¹), with the 

maximum splitting tensile strengths displayed in Figure 7.8. Under ambient conditions, 

increasing the strain rate from 20.11 s⁻¹ to 85.73 s⁻¹ resulted in a 74.90%~145.24% 

enhancement in splitting tensile strength as compared to static conditions. When tested at 

-70 °C, the material exhibited strength increases of 91.27-146.07% as strain rates varied 

from 21.18 s⁻¹ to 81.28 s⁻¹. At -160 °C, strength improvements of 84.84%~116.13% were 

observed when strain rates increased from 19.14 s⁻¹ to 81.97 s⁻¹, relative to static 

conditions. The investigation revealed two key trends: first, at constant temperature, 

higher strain rates corresponded to increased splitting tensile strength; second, at fixed 

strain rates, lower temperatures yielded higher dynamic splitting tensile strength values. 

 

Figure 7. 8 Dynamic splitting tensile strength of GUHPC at different temperatures. 
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7.3.3.2 Comparison of post-test failure patterns in split tension 

Figure 7.9 displays the dynamic splitting tensile failure modes of GUHPC at 20, -70 and 

-160 °C, with strain rate from 20 to 80 s⁻¹. It was clear to see that the failure modes at this 

reduced temperature at -70 °C showed distinct characteristics as compared to room 

temperature. At 19.89 s⁻¹, the specimen exhibited a faint diametral crack. With increasing 

strain rates (40.11 s⁻¹ and 59.99 s⁻¹), the crack became more pronounced, with visible 

fibre bridging. The specimen tested at 81.38 s⁻¹ demonstrated extensive cracking and 

partial separation along the diametral plane, with significant fibre pull-out evident. When 

the temperature reached to -160 °C, the specimen at 23.29 s⁻¹ showed minimal external 

damage. As strain rates increased to 42.33 s⁻¹ and 64.34 s⁻¹, distinct diametral cracks form 

with notable fibre bridging. The specimen at 80.48 s⁻¹ exhibited the most severe damage, 

with partial fragmentation and extensive fibre pull-out, and the triangular fracture area 

expanded at both ends of the sample, accompanied by increased overall deformation. 
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20.99 s-1 39.89 s-1 63.22 s-1 81.32 s-1 

(a) at 20 ℃ 

    

19.89 s-1 40.11 s-1 59.99 s-1 81.38 s-1 
(b) at -70 ℃ 

    

23.29 s-1 42.33 s-1 64.34 s-1 80.48 s-1 

(c) at -160 ℃ 

Figure 7. 9 Dynamic splitting tensile failure modes of GUHPC at different 
temperatures. 

7.4 Strain rate effect 

The mechanical properties of concrete are known to be sensitive to the rate of loading, a 

phenomenon referred to as the strain rate effect. As the strain rate increases, concrete 

typically exhibits higher strength and stiffness in contrast to its quasi-static behaviour. 

This effect is particularly important in scenarios involving impact or blast loading. To 

quantify this enhancement, DIF 
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, defined as the ratio of the dynamic strength to the static strength of the material, was 

utilised. Mathematically, DIF is expressed as DIF = fd / fs, where fd is the dynamic strength 

at a given strain rate and fs is the static strength. The DIF varies depending on whether 

the concrete is under compression or tension, and it can be influenced by factors such as 

concrete composition and environmental conditions. 

In this section, the dynamic increase factor of GUHPC under both CDIF and TDIF at 

various temperatures (20, -70 and -160 °C) is summarised. By examining the DIF across 

these temperature ranges, it showed how the strain rate effect on GUHPC was influenced 

by extreme temperature condition. 

7.4.1 Effect of strain rate on CDIF at low temperature 

The CDIF of at low temperatures exhibited notable characteristics. The experimental 

results revealed that the CDIF of GUHPC was significantly influenced by temperature. It 

is important to note that the CEB-FIP model code [172], which was developed for 

conventional concrete, proved unconservative for predicting the behaviour of GUHPC at 

room temperature. This study made comparisons with two previous research works in the 

field at room temperature. The first was conducted by Liu et al. [224], who worked with 

GHPC that contained 2% straight steel fibres. The second was by Khan et al. [225], who 

studied GUHPC and used a more complex fibre mixture - combining steel and PE fibres 

with 2% fibre volume. As expected, the material with higher uniaxial compressive 

strength demonstrated lower rate sensitivity [194, 195], which aligned well with the 

experimental results obtained at room temperature in the current study. Regarding the 

temperature effect, the CDIF curves displayed an increasing trend as temperatures 

decreased from 20 °C to -160 °C, with the most pronounced rate sensitivity observed at -

160 °C (see Figure 7.10). This trend suggested that the cryogenic temperatures enhanced 

the strain rate effect on the compressive strength of GUHPC, potentially due to the altered 
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microstructure at extremely low temperatures. As temperature decreased, especially to 

cryogenic levels, the microstructure of the concrete underwent significant changes. The 

pore water froze, potentially causing microcracks and altering the internal stress 

distribution. In addition, at reduced temperatures, the interface between steel fibres and 

the concrete matrix experienced a notable improvement in bond strength. This 

enhancement was primarily due to the increased frictional forces that develop under 

cryogenic conditions [104, 191]. It is worth noting that the GUHPC exhibited an inverse 

relationship in rate sensitivity as compared to CUHPC with the decrease in temperature 

[219]. The behaviour of GUHPC at low temperatures was characterised by a complex 

interplay of microstructural changes and ice formation dynamics. GUHPC typically 

exhibited a more heterogeneous microstructure with a higher porosity as compared to 

CUHPC [84, 226, 227]. As temperatures dropped, this unique microstructure underwent 

significant transformations. Ice crystals progressively form within the microcracks and 

pores, creating natural bridges across these voids [101]. These ice formations strengthen 

the bonds between aggregate particles and the surrounding geopolymer matrix, 

effectively enhancing the internal structure of the concrete. 

In the current study, empirical formulae for the CDIF of GUHPC were derived for 

temperatures of 20, -70 and -160 °C, as illustrated in Equations (7.1) - (7.3). These 

formulae provided a mathematical representation of the CDIF as a function of strain rate, 

accounting for the significant influence of temperature on the dynamic tensile behaviour 

of GUHPC. The researchers established a transition point at a strain rate of 30 s⁻¹. The 

reliability of these empirical formulas was supported by their high coefficient of 

determination (R²) values, which indicated a strong correlation between the predicted and 

observed data. Specifically, the R² value at room temperature was 0.93, at -70 °C was 

0.82, and at -160 °C was 0.88, demonstrating the robustness of the empirical formulae 



 
 

175 
 

across different temperature conditions. These findings underscored the accuracy and 

reliability of the derived equations in capturing the behaviour of GUHPC under dynamic 

loading at various temperatures. 

The CDIF of GUHPC exhibited notable variations across different temperatures and 

strain rates. At a strain rate of approximately 40 s⁻¹, the CDIF values at -70 °C and -160 

°C were 1.07 and 1.19 times greater, respectively, than those observed at 20°C. As the 

strain rate increased to approximately 80 s⁻¹, the disparity became more pronounced, with 

the CDIF at -70 °C and -160 °C being 1.16 and 1.17 times higher than at room 

temperature. At higher strain rates of approximately 120 s⁻¹, the CDIF at -70 °C and -160 

°C surpassed that at 20 °C by factors of 1.09 and 1.18, respectively. The most significant 

difference was observed at the highest tested strain rate of approximately 160 s⁻¹, where 

the CDIF values at -70 °C and -160 °C were 1.12 and 1.22 times greater than those at 20 

°C. These results demonstrated a consistent trend of increased rate sensitivity at lower 

temperatures across all strain rates tested. Notably, the enhancement in CDIF was more 

pronounced at -160 °C as compared to -70 °C, suggesting that the extreme cryogenic 

condition had a more substantial impact on the dynamic compressive behaviour of 

GUHPC. 
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Figure 7. 10 𝐶𝐷𝐼𝐹 for GUHPC at low temperature. 

 CDIF at 20 ℃ = {
0.015 log 𝜀̇ + 1.087     𝜀̇ ≤ 30 𝑠−1  

0.340 log 𝜀̇ + 0.607     𝜀̇ > 30  𝑠−1 
      (7.1)  

 CDIF at − 70 ℃ = {
0.031 log 𝜀̇ + 1.185     𝜀̇ ≤ 30 𝑠−1  

0.416 log 𝜀̇ + 0.613     𝜀̇ > 30  𝑠−1 
      (7.2)  

 CDIF at − 160 ℃ = {
0.042 log 𝜀̇ + 1.249         𝜀̇ ≤ 30 𝑠−1   

0.434 log 𝜀̇ + 0.669          𝜀̇ > 30 𝑠−1  
      (7.3)  

7.4.2 Effect of strain rate on 𝑇𝐷𝐼𝐹 at low temperature 

The TDIF of GUHPC at low temperatures exhibited significant variations as compared 

to room temperature performance. As the temperature decreased, the TDIF values rose, 

indicating that the material became more sensitive to strain rate under lower temperatures, 

as shown in Figure 7.11.  At a strain rate of approximately 20 s⁻¹, the TDIF values at -70 

°C and -160 °C were 1.30 and 1.58 times greater, respectively, than those at 20 °C. As 

the strain rate increased to 40 s⁻¹, the TDIF at -70 °C and -160 °C surpassed the room 

temperature values by factors of 1.35 and 1.47. At higher strain rates of 60 s⁻¹ and 80 s⁻¹, 

the enhancement persisted, with TDIF at -70 °C and -160 °C being 1.20 and 1.32 times 
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(at 60 s⁻¹), and 1.25 and 1.39 times (at 80 s⁻¹) greater than at 20 °C, respectively. This 

trend indicated a consistent increase in rate sensitivity at lower temperatures across all 

tested strain rates, with the most significant enhancement observed at -160 °C. 

To quantify these relationships, empirical formulae were developed based on the 

experimental findings, which show in Equations (7.4) - (7.6). In the current study, the 

inflection points were determined to be 1 s-1 at 20, -70 and -160 ℃, the same as Malvar 

and Crawford [173] as well as Tedesco and Ross [228]. The reliability of these models 

was assessed using R², yielding values of 0.85, 0.83, and 0.80 for 20, -70 and -160°C, 

respectively. These high R² values indicated strong correlations between predicted and 

observed DIF𝑓𝑡
, underscoring the models' efficacy in capturing the complex temperature-

dependent dynamic tensile behaviour of GUHPC across a wide range of conditions. 

 

Figure 7.11 TDIFs for GUHPC at low temperature. 
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 TDIF at 20 ℃ = {
0.005 log 𝜀̇ + 1.028        𝜀̇ ≤ 1 𝑠−1  

1.098 log 𝜀̇ + 0.285       𝜀̇ > 1  𝑠−1 
      (7.4)  

 TDIF at − 70 ℃ = {
0.027 log 𝜀̇ + 1.160     𝜀̇ ≤ 1 𝑠−1  

1.031 log 𝜀̇ + 0.890     𝜀̇ > 1  𝑠−1 
      (7.5)  

 TDIF at − 160 ℃ = {
0.047 log 𝜀̇ + 1.281               𝜀̇ ≤ 1 𝑠−1   

0.852 log 𝜀̇ + 1.587               𝜀̇ > 1 𝑠−1  
      (7.6)  

7.5 Computed Tomography (CT) scans testing 

X-ray CT scanning was conducted using a Siemens Artis Pheno system operating at 125 

kV to investigate the microstructural changes in GUHPC specimens subjected to different 

temperature conditions (20, -70 and -160 °C). This advanced imaging technique provided 

detailed three-dimensional visualisation of internal structures at the microscale level, 

enabling non-destructive examination of pore networks, crack formations and phase 

distributions within the specimens. The high-energy X-ray beam facilitated optimal 

penetration through the dense GUHPC matrix, while maintaining sufficient contrast to 

differentiate between various phases including the geopolymer matrix, steel fibres, pores, 

and ice formations at sub-zero temperatures. 

The CT scans at ambient temperature revealed a dense microstructure characteristic of 

GUHPC, as evidenced in Figure 7.12(a). The images clearly showed steel fibres 

appearing as bright features due to their high X-ray attenuation, while pores were 

distinctly visible as darker regions throughout the matrix. The geopolymer matrix 

exhibited higher porosity than -70 and -160 °C. At -70°C, as shown in Figure 7.12(b), the 

CT scans revealed emerging microstructural changes. It showed initial formation of ice 

within the pore structure, identifiable through density variations, utilising the Hounsfield 

scale which is a standardised quantitative scale used in CT to represent different degrees 

of X-ray attenuation by various materials (approximately -100 HU for ice) [229] to detect 

frozen water inside the specimen. The most pronounced microstructural alterations were 
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observed at -160 °C (Figure 7.12(c)), providing critical information on the freezing 

mechanisms. It demonstrated ice formations appeared as regions with characteristic 

grayscale values, distinguishable from the surrounding matrix and also extensive 

microcrack networks were visible surrounding the frozen regions. The observed crack 

patterns aligned with Zhu et al. [230] who pointed out the volume expansion and the 

internal cracking of concrete during freezing. Additionally, this observation confirmed 

Wiedemann's prediction of concrete embrittlement at cryogenic temperatures [231]. The 

competing mechanisms of partial ice filling and continued matrix prestressing showed in 

the CT images as a network of microcracks, particularly visible around ice-filled pores. 

Figure 7.13 illustrates the 3D CT scan views of GUHPC specimens at three different 

temperatures. At room temperature, the cylindrical specimen exhibited steel fibres 

throughout the matrix. When cooled to -70 °C, the formation of ice became evident within 

the concrete matrix, while the steel fibres remained visible in the structure. At the 

cryogenic temperature of -160 °C, the specimen demonstrated the most significant 

microstructural changes, with more extensive ice formation throughout the matrix. The 

CT scans effectively captured the progressive changes in the internal structure of GUHPC 

as temperature decreased, particularly highlighting the interaction between ice formation, 

steel fibres, and the concrete matrix. 

 
(a) 20 ℃ 

 
(b) -70 ℃ 

 
(c) -160 ℃ 

Figure 7.12 2D views of GUHPC specimen microstructure. 
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(a) 20 ℃ 

 

(b) -70 ℃ 

 

(c) -160 ℃ 

Figure 7. 13 3D views of GUHPC specimen via CT scan. 

7.6 Summary 

This comprehensive study on the behaviour of GUHPC under extreme low temperatures 

and dynamic loading conditions has yielded several significant findings: 

• Both the compressive and splitting tensile strengths of GUHPC increased as 

temperature decreased from 20 °C to -160 °C, the increase in split tensile strength 

was more evident than the compressive strength. 

• GUHPC exhibited increased strength with higher strain rates across all 

temperature conditions, with this effect being more pronounced at lower 

temperatures. 

• As temperatures decreased, the failure patterns transitioned from fragmentation to 

more defined crack patterns, suggesting a shift towards more brittle behaviour at 

extreme low temperatures. 

• While the overall toughness decreased at lower temperatures, GUHPC maintained 

considerable energy absorption capacity, particularly at higher strain rates. 

• The DIFs for both compression and tension were found to be higher at lower 

temperatures, indicating that GUHPC became more sensitive to strain rate effects 

in cryogenic conditions. 
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• The study developed empirical formulae for predicting the DIF in both 

compression and tension, providing valuable tools for future design and analysis. 

• The X-ray CT analysis of GUHPC specimens revealed distinct microstructural 

transformations, where the specimens exhibited a progression from dense matrix 

structure with visible pores and steel fibres, particularly culminating in 

microcrack networks surrounding frozen regions at -160 °C. 

These results highlight the complex interplay between temperature, strain rate, and 

mechanical properties in GUHPC. The transition to more brittle behaviour at extreme low 

temperatures warrants careful consideration in structural design. 

Future research should focus on further exploring the long-term durability of GUHPC in 

cyclic temperature environments could provide insights into its suitability for repeated 

use in extreme conditions. 
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Chapter 8. BEHAVIOUR OF REINFORCED CONCRETE PANELS 

UNDER IMPACT LOADING AFTER CRYOGENIC FREEZE-

THAW CYCLES 

8.1 Introduction 

This study aims to numerically examine the damage caused by impact loading on 

reinforced concrete panels after exposure to cryogenic FT cycles. A plasticity based 

continuous surface cap model was adopted to simulate concrete. The material modulus, 

uniaxial and triaxial strength surface as well as damage parameters were updated to 

incorporate the effect of cryogenic FT cycles. A numerical model was established to 

forecast the impact resistance of the reinforced concrete panels after various cryogenic 

FT cycles. Through the numerical simulation, it was evident that FT cycles exerted 

detrimental effects on the impact resistance of reinforced concrete panels. With an 

escalation in the number of FT cycles, there was a pronounced increase in the size of the 

crater formed on the top surface, accompanied by a corresponding rise in the penetration 

depth of the panel. The results of this research offer insights into the impact resistance of 

reinforced concrete structures following cryogenic FT cycles. Such insights are vital for 

the design and maintenance of critical structures like liquefied natural gas (LNG) storage 

tanks and other cryogenic facilities. 

8.2 Constitutive models and material properties 

8.2.1  CSCM Concrete model 

Continuous Surface Cap Model (CSCM) is a concrete material model used in LS-DYNA 

and other finite element analysis programmes. The nonlinear stress-strain response, 

failure mechanism, and overall structural response of concrete under various load 

situations can be accurately simulated by the CSCM model. The CSCM model is 
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available in two versions: MAT_CSCM and MAT_CSCM_CONCRETE. Three 

parameters need to input for MAT_CSCM_CONCRETE, of the concrete density (ρ), 

unconfined compressive strength (f’c) and maximum aggregate size (dmax). According to 

CEB_FIP model code [232], the concrete density (ρ) is 2400 kg/m3 for plain concrete and 

2500 kg/m3 for prestressed concrete. It is specifically designed for modelling NSC with 

compressive strength between 28 to 58 MPa and the aggregate sizes between 8 and 32 

mm [233]. In this particular study, to conduct simulation analysis on potential damage 

modes, MAT_CSCM_CONCRETE model is utilised to simulate normal strength 

concrete under room temperature conditions. It can generate parameters automatically by 

inputting ρ, f’c and dmax, which incorporate a set of standardised material properties, 

derived from laboratory test data, to serve as default material properties. However, the 

performance of concrete will change after cryogenic FT cycles, thus CSCM_ 

CONCRETE model cannot be simply used to generate parameters. MAT_CSCM model 

is employed to simulate normal strength concrete exposed to FT cycles, because it can 

update the parameter such as elastic modulus, compressive strength, fracture energy etc. 

after FT cycles. The subsequent section will delve into the critical parameters in detail. 

8.2.1.1 Shear modulus and bulk modulus after FT cycles 

According to Goto and Miura [234], Yamane et al. [235], Rostásy and Wiedemann [236], 

Shi et al. [127] and Shi et al. [128],  Figure 8.1 summarises the loss of elastic modulus of 

NSC after different low-temperature FT cycles. The term "relative" in Figure 8.1 means 

that the values are normalised, with 1.0 representing the initial elastic modulus of the 

material before any freeze-thaw cycles. It is noted that the loss of elastic modulus is 

related to a number of parameters such as the number of FT cycles, thermal loading, 

moisture content of concrete specimens, and water-to-cement ratio etc. For a particular 

concrete, with increased FT cycles, the loss of elastic modulus tends to increase. Based 
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on the experiments conducted by Goto and Miura [234], Yamane et al. [235], when the 

w/c ratio and moisture content increased, a more rapid decrease in elastic modulus was 

observed [234]. Rostásy and Wiedemann [236] investigated the influence of a cooling 

rate on water-saturated concrete subjected to eight FT cycles. Their findings indicated 

that an increase in the w/c ratio caused a decline in elastic modulus. Generally, the 

influence on the internal structure of the concrete, characterised by the emergence of 

microcracks and the breakdown of the bond between cement paste and aggregates, 

contributed to a reduction in the elastic modulus following FT cycles. Besides, Figure 

8.1(b) demonstrates that, when subjected to identical cooling conditions, altering the w/c 

ratio results in a more significant reduction in the elastic modulus of concrete as compared 

to changing the moisture content. Furthermore, shock conditions, such as immersing the 

concrete specimens in liquid nitrogen, resulting in a more pronounced influence on the 

elastic modulus of concrete. The intense forces generated during shock loading can result 

in microcracks and structural damage, leading to a substantial decrease in the elastic 

modulus. 

(a)  
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(b)  
 

Figure 8. 1 Relative modulus of elasticity after various number of FT cycles. (a) 
Controlled (b) Thermal shock 

 
8.2.1.2 Compressive strength after FT cycles 

Similar to the elastic modulus, the compressive strength of concrete is influenced by 

diverse factors such as the number of FT cycles, moisture content, w/c ratio, and cooling 

techniques. Figure 8.2 presents the experimental results conducted by different researcher 

[96, 104, 125, 127, 129, 130, 235, 237], which demonstrates the effect of FT cycles on 

the concrete compressive strength. The data from these studies provide valuable insights 

into the relationship between FT cycles and the resulting compressive strength reduction 

in concrete. Most FT cycles range in temperature from room temperature to -170 °C or -

196 °C, while FT cycle temperature range for Rostásy and Punch [124] is from room 

temperature to -85 °C. The observation reveals that lowering the lower limit temperature 

of the FT cycle leads to a more evident reduction in the compressive strength. Figure 8.2 

(b) provides a clear illustration that, when exposed to identical cooling conditions, a 

higher w/c ratio corresponds to a more pronounced decrease in the relative compressive 

strength of concrete. Within a specific FT cycle range, using the same cooling method 
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and w/c ratio, a higher moisture content in the concrete results in a greater decline in 

compressive strength under the same number of FT cycles. In accordance with the 

experimental results of Rostásy et al. [125], it can be deduced that the compressive 

strength experiences a more substantial reduction subjected to thermal shock as compared 

to controlled cooling. It implies that the application of shock cooling methods leads to a 

more rapid and pronounced decrease in the compressive strength. 

(a)  

(b)  
Figure 8. 2 Loss of compressive strength versus the number of thermal cycles. (a) 

Controlled (b) Thermal shock 
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8.2.1.3 Splitting tensile strength after FT cycles 

The number of FT cycles also influences the splitting tensile strength of concrete. Figure 

8.3 presents experimental data from various researchers [96, 104, 124, 125, 184, 185, 238, 

239], and reveals the changes in tensile strength of concrete after different FT cycles. It 

is observed that a decrease in the lower temperature limit in FT cycles causes a rise in the 

loss of splitting tensile strength. Furthermore, when saturated or highly moist concrete is 

exposed to sudden thermal shock, the decrease in splitting tensile strength is more 

significant as compared to slow cooling processes [236]. It should be emphasized that the 

splitting tensile strength demonstrates more remarkable reductions after thermal cycling 

as compared to the compressive strength. 

 
Figure 8. 3 Relative splitting tensile strength versus the number of thermal cycles. 

8.2.1.4 Damage parameters 

Under low-pressure conditions, concrete or concrete-like materials demonstrate strain 

softening behaviour, which involves a decrease in strength after initial yielding. This 

behaviour is simulated using the damage algorithm within the CSCM model. There are 

five parameters need to be adjusted to capture the damage of concrete after FT cycles, 

including B, GFC, D, GFT, GFS. The parameter B specifically relates to the ductile shape 
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softening behaviour, although limited attention has been paid to compressive softening 

behaviour despite numerous uniaxial compression tests being conducted. GFC represents 

fracture energy in uniaxial stress, GFT is fracture energy in uniaxial tension and GFS is 

fracture energy in pure shear stress. In the current study, the parameter B was assigned a 

default value of 100. In terms of parameter D, which governs brittle softening behaviour, 

a value of 0.001 was established following preliminary simulation attempts. For the 

parameter GFS, the user manual recommends setting it equal to GFT which is 100 times 

less than GFC [233]. The fracture parameter at ambient temperature was determined 

based on the guidelines provided by CEB-FIP [232] as follows, 

    𝐺𝑓 = 𝐺𝑓0(
𝑓′𝑐

10
)0.7 (8.1) 

where Gf represents the fracture energy in N∙mm/mm2, the initial fracture energy, Gf0, is 

influenced by the characteristics of the coarse aggregate used in the concrete, f’c is 

the compressive strength of the concrete cylinder in MPa. When the maximum aggregate 

size dmax = 8 mm, Gf0 = 0.025 N∙mm/mm2. When dmax = 16 mm, Gf0 = 0.030 N∙mm/mm2. 

When dmax = 32 mm, Gf0 = 0.058 N∙mm/mm2. 

Owing to limited study on testing the fracture energy on concrete after low-temperature 

FT cycles, this article predicts the fracture energy of concrete after FT cycles based on 

experiments conducted by Xie et al. [138]. The empirical formula is 𝑅𝑒𝑙𝑎𝑡𝑖𝑣𝑒 𝐺𝑓 =

0. 69 + 0.31 × exp (−0.19 ×  N), where N represents the number of FT cycles. The 

fracture energy calculations of NSC after 10, 20, and 30 FT cycles are summarised in 

Tables 8.1, 8.2, and 8.3, respectively. 
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8.2.2 Single element test analysis 

Adhering to the outlined procedure, the current study formulated the CSCM material 

model for NSC under various FT cycles. Single element tests were performed prior to the 

impact tests. 

In the present study, a specific type of concrete material was employed with a uniaxial 

compressive strength of 53.8 MPa and a w/c ratio of 0.44. This material was utilised to 

investigate the effects of FT cycles on concrete properties, drawing from Zhou's previous 

study [130]. The investigation from Zhou et al. included various tests on this concrete 

material, such as uniaxial and triaxial compression tests. The outcomes of these single 

element tests were compared to experimental data (strain-stress curve). According to 

Zhou et al. [130], the concrete specimen's temperature was subjected to controlled 

fluctuations, ranging from room temperature down to -165 °C, with a controlled 

temperature change rate of 2-3 °C per minute and a total of 10, 20, and 30 FT cycles. The 

axial deformation loading rate for both uniaxial and triaxial compression tests was set at 

0.02 mm/min. In the triaxial compression tests, a confining pressure of 20 MPa was 

applied. The experimental results of concrete for uniaxial compressive strength were 45.3, 

42.3 and 40.1 MPa after 10, 20 and 30 FT cycles, respectively. The experimental results 

of concrete for triaxial compressive strength were 103.1, 90.2, 84.4 and 80.4 MPa after 0, 

10, 20 and 30 FT cycles, respectively.  

The shear modulus G = 𝐸

2(1+𝑣)
 and the bulk modulus 𝐾 =

𝐸

3(1−2𝑣)
 where E represents 

Young’s modulus, and 𝑣 is Poisson’s ratio. In the current study, the Poisson’s ratio is 0.2, 

and the Young’s modulus after 10, 20 and 30 FT cycles can be obtained based on the 

strain-stress curve from Zhou et al. [130] experimental results in Figure 8.6. 

The tensile strength of concrete was calculated by equation 0.6 √𝑓′𝑐  = 4.4 MPa at room 

temperature (where𝑓′𝑐 is the uniaxial compressive strength at 20 °C) in the current study 
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from AS3600:2018 [240]. To enhance the accuracy of predicting the reduction in tensile 

strength following various FT cycles, an empirical equation has been formulated based 

on the data presented in Figure 8.3 as follows, 

𝑹𝒆𝒍𝒂𝒕𝒊𝒗𝒆 𝒕𝒆𝒏𝒔𝒊𝒍𝒆 𝒔𝒕𝒓𝒆𝒏𝒈𝒕𝒉 = 0.70 +  −2.36 × 10−2 × N +  −0.33 × (
w

c
) +

 −1.58 × 10−3  ×  (MC) + 2.79 × 10−2  × N × (
w

c
) + 1.18 × 10−3 × N × (MC) +

 8.24 × 10−4 × (
w

c
) × (MC) +  −2.57 × 10−3 × N × (

w

c
) × (MC)                            (8.2) 

where N represents to number of cycles, w/c is the ratio between water and cement and 

MC means moisture content of the concrete.  

This equation represents the changes in tensile strength under controlled conditions. 

Figure 8.4 below shows the comparison of the results between predicted formula and 

experimental data after cryogenic FT cycles. The coefficient of determination (R2) for 

equation (8.2) is 0.85, indicating a good level of accuracy in predicting the tensile strength 

loss. Therefore, the predicted relative tensile strength formula can be utilised to 

investigate the tensile strength of concrete after various number of FT cycles.  Based on 

Equation (8.2), it can be obtained that the relative tensile strength after 10, 20 and 30 FT 

cycles was 0.37, 0.30 and 0.24, respectively. According to the CSCM user’s manual 

[233], the tensile strength 𝑓′𝑡 is equal to 𝛼−𝜆

√3
. 
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Figure 8. 4 Comparison of predicted relative tensile strength to experimental results. 

In terms of the damage parameters, the value of B and D were 100 and 0.001, respectively, 

as mentioned previously. In the current study, the maximum aggregate size set as a default 

value 19 mm. Normally, the fracture energy parameter GFC, GFT and GFS can be 

automatically generated by inputting unconfined compressive strength in 

CSCM_CONCRETE model. When the unconfined compressive strength 45.3, 42.3 and 

40.1 MPa after 10, 20 and 30 FT cycles were inputted, the value for GFT can be generated 

which is 93.7, 88.1 and 85.2, respectively. The relative fracture energy after 10, 20 and 

30 times of FT cycles is 0.74, 0.70 and 0.69, respectively, based on the empirical formula 

created in Section 8.2.1.4. Therefore, the value GFT can be updated by multiplying the 

relative fracture energy, which is 69.3, 61.6 and 58.8, respectively, after 10, 20 and 30 

times of FT cycles. As mentioned in Section 8.2.1.4, the value of GFS is equal to GFT 

and the value of GFC is 100 times greater than GFT. Tables 8.1, 8.2 and 8.3 summarise 

the modified data for concrete after 10, 20 and 30 FT cycles. 
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In the single element tests, displacement control in unconfined uniaxial compression 

testing was achieved using the *PRESCRIBED_MOTION keyword, enabling precise 

control of the applied displacement (as depicted in Figure 8.5(a)). 

Confining pressure was exerted to four surfaces of the NSC model to simulate constraints 

during the triaxial compression test, while compressive load was applied by pushing 

down on the top surface. This configuration allowed for the simulation of triaxial 

compression conditions experienced by the NSC material (as illustrated in Figure 8.5(b)).  

(a) (b)  

Figure 8. 5 Illustration of single element test: (a) unconfined uniaxial compression test, 
(b) triaxial compression test [241]. 

Figure 8.6 illustrates the stress-strain relationship of NSC under uniaxial compression 

after undergoing 10, 20, and 30 cycles of FT cycles. It can be clearly seen that the 

simulation result is in good agreement with the experimental data from Zhou et al. [130]. 

Tables 8.1, 8.2, and 8.3 provide a comprehensive summary of the CSCM parameters for 

NSC across varying numbers of FT cycles, derived from the experimental outcomes. 

Figure 8.7 illustrates the stress–strain curve of NSC under triaxial compression after 10, 

20 and 30 times of FT cycles. The error of ultimate strength was 10.47 %. 11.75 % and 

11.92% compared with the experimental results after 10, 20 and 30 times of FT cycles, 

respectively. In the realm of numerical analysis concerning cementitious materials, 

forecasted errors below 20% are generally regarded as being within an acceptable range. 

However, it should be noted that the adjusted parameters within the CSCM model have a 
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tendency to slightly underestimate material strength under elevated confining pressures 

[241]. Although the CSCM model exhibits satisfactory approximation to test data in cases 

without confinement, when it comes to high confinement scenarios, the numerical 

response becomes unstable to match even the peak strength observed in the experimental 

data [242]. 

(a)  (b)  

(c)  

Figure 8. 6 Single model under uniaxial compression against different number of FT 
cycles (a) 10 times, (b) 20 times, (c) 30 times. 
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(a)  (b)  

(c)  

Figure 8. 7 Single model under triaxial compression against different number of FT 
cycles (a) 10 times, (b) 20 times, (c) 30 times. 

Table 8. 1 Material parameters for NSC under 10 times of FT cycles.  

Parameter Value Parameter Value Parameter Value Parameter Value 
𝑅𝑜  

(kg/m3) 
2400 NPLOT 1 INCRE 0 IRATE 1 

ERODE 0 RECOV 0 ITRETRC 0 PRED 0 
G (Pa) 2.25E10 K (Pa) 2.76E10 NH 1 CH 0 
α (Pa) 1.33E7 θ (Pa-1) 0.35 λ (Pa) 1.051E7 β (Pa-1) 1.939E-8 
α1 (Pa) 0.7473 𝜃1 (Pa-1) 5.96E-10 𝜆1 (Pa) 0.17 𝛽1 (Pa-1) 4.828E-8 
α2 (Pa) 0.66 𝜃2 (Pa-1) 7.17E-10 𝜆2 (Pa) 0.16 𝛽2 (Pa-1) 4.828E-8 

R 5 XD (Pa) 1E8 W 0.05   
D1 (Pa-1) 2.5E-10 D2 (Pa-2) 3.5E-19     

B 100 GFC 
(Pa*m) 

6934 D 0.001 GFT 
(Pa*m) 

69.34 

GFS 
(Pa*m) 

69.34 PWRC 5 PWRT 1 PWOD 0 

𝜂𝑜𝑐 1.90E-4 Nc 0.78 𝜂𝑜𝑡  8.155E-5 Nt 0.48 
OVERC 3.192E7 OVERT 3.192E7 SRATE 1 REPOW 1 
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Table 8. 2 Material parameters for NSC under 20 times of FT cycles.  

Parameter Value Parameter Value Parameter Value Parameter Value 
𝑅𝑜  

(kg/m3) 
2400 NPLOT 1 INCRE 0 IRATE 1 

ERODE 0 RECOV 0 ITRETRC 0 PRED 0 
G (Pa) 1.69E10 K (Pa) 2.08E10 NH 1 CH 0 
α (Pa) 1.27E7 θ (Pa-1) 0.34 λ (Pa) 1.051E7 β (Pa-1) 1.929E-8 
α1 (Pa) 0.7473 𝜃1 (Pa-1) 7.47E-10 𝜆1 (Pa) 0.17 𝛽1 (Pa-1) 5.456E-8 
α2 (Pa) 0.66 𝜃2 (Pa-1) 9.0E-10 𝜆2 (Pa) 0.16 𝛽2 (Pa-1) 5.456E-8 

R 5 XD (Pa) 1E8 W 0.05   
D1 (Pa-1) 2.5E-10 D2 (Pa-2) 3.5E-19     

B 100 GFC 
(Pa*m) 

6164 D 0.001 GFT 
(Pa*m) 

61.64 

GFS 
(Pa*m) 

61.64 PWRC 5 PWRT 1 PWOD 0 

𝜂𝑜𝑐 1.552E-4 Nc 0.78 𝜂𝑜𝑡  7.6E-5 Nt 0.48 
OVERC 2.877E7 OVERT 2.877E7 SRATE 1 REPOW 1 

 

Table 8. 3 Material parameters for NSC under 30 times of FT cycles.  

Parameter Value Parameter Value Parameter Value Parameter Value 
𝑅𝑜  

(kg/m3) 
2400 NPLOT 1 INCRE 0 IRATE 1 

ERODE 0 RECOV 0 ITRETR
C 

0 PRED 0 

G (Pa) 1.483E10 K (Pa) 1.82E10 NH 1 CH 0 
α (Pa) 1.23E7 θ (Pa-1) 0.33 λ (Pa) 1.051E7 β (Pa-1) 1.929E-8 
α1 (Pa) 0.7473 𝜃1 (Pa-1) 8.176E-10 𝜆1 (Pa) 0.17 𝛽1 (Pa-1) 5.746E-8 
α2 (Pa) 0.66 𝜃2 (Pa-1) 9.862E-10 𝜆2 (Pa) 0.16 𝛽2 (Pa-1) 5.746E-8 

R 5 XD (Pa) 1E8 W 0.05   
D1 (Pa-1) 2.5E-10 D2 (Pa-2) 3.5E-19     

B 100 GFC 
(Pa*m) 

5876 D 0.001 GFT 
(Pa*m) 

58.76 

GFS 
(Pa*m) 

58.76 PWRC 5 PWRT 1 PWOD 0 

𝜂𝑜𝑐 1.408E-4 Nc 0.78 𝜂𝑜𝑡  7.344E-5 Nt 0.48 
OVERC 2.736E7 OVERT 2.736E7 SRATE 1 REPOW 1 

 

8.2.3 Steel reinforcements model 

Steel bars possess different thermal properties as compared to the concrete matrix. They 

exhibit minimal dimensional changes under cryogenic conditions. This difference in 

thermal expansion and contraction properties between the reinforcement and the concrete 

matrix can provide some level of protection to the reinforcement. Yan and Xie [243] and 

Xie [244] conducted research on steel bars at low temperatures, and the results showed 
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that the elastic modulus, tensile strength, and ultimate strength of the steel bars increased 

with the decrease of temperature. However, Jung et al. [245] stated that the fatigue failure 

of steel occurred after 104 times load cycles under low temperature. The mechanical 

characteristics of steel reinforcements exhibit relatively consistent behaviour throughout 

the FT cycle exposures. The properties of steel bars after low-temperature FT cycling 

remained unchanged as compared to those at room temperature, a conservative 

assumption made to guide the numerical simulation results in this study. 

8.3  Validation of reinforced concrete panel under impact loadings 

As mentioned previously, the safety and performance of many different structures at 

extremely low temperatures pose challenges, especially for liquefied natural gas storage 

tanks. This study aims to validate the impact resistance of the reinforced concrete/steel 

liner composite panels at ambient temperature, inspired by the design of the dome in LNG 

storage tanks, using the experimental data conducted by Zou et al. [246]. The composite 

target consisted of four parts, including concrete, reinforcements, studs and steel liner. As 

shown Figure 8.8, the diameter of the panel was 2000 mm. There were two layers of 

reinforcements with 20 mm @ 200 mm. In addition, eight studs were contained in the 

target panel where four were arranged along 300 mm radius of the panel and the other 

were arranged along 700 mm, and the diameter of these studs was 12 mm. The 3 mm 

thick steel liner was welded at the bottom of the concrete panel. More details on the 

dimensions of target panel can be found in Zou et al. [246]. To access the impact 

resistance of concrete panel, a full numerical model was established using LS-DYNA. 

The numerical model of impactor and target panel is presented in Figure 8.9. The 

impactor consisted of two parts: mass block and impactor head (100 kg). The radius of 

smooth spherical head for impactor head was 75 mm, and the height of cylindrical body 

was 375 mm. 
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In this study, two specimens were evaluated in comparison with the experimental 

outcomes. The first specimen was tested with 500 kg impactor at dropping height 35 m, 

and the impact velocity was 26.19 m/s. The second specimen was tested with 800 kg 

impactor and the falling height was 25 m (impact velocity was 22.13 m/s). The 

INITIAL_VELOCITY_GENERATION function in LS-DYNA was employed to achieve 

the desired impact velocity during the experiments. Three groups of mesh convergence 

tests have been done, including 5 mm, 10 mm and 20 mm mesh size for concrete, 

reinforcements, studs, steel liner and impactor. To balance the computational effort and 

accuracy, the mesh size of concrete, reinforcements, studs, steel liner and impactor was 

10 mm (see Figure 8.10). 

MAT_CSCM_CONCRETE was utilised for concrete with density 2400 kg/m3, 43.2 MPa 

compressive strength and 19 mm aggregate.  

MAT_PIECEWISE_LINEAR_PLASTICITY was adopted for studs and reinforcements 

in the model. MAT_PLASTIC_KINEMATIC was utilised for the steel liner material. The 

material model for both impactor head and the mass block was MAT_RIGID. Table 8.4 

summarises the input parameters for each material. 

AUTOMACITC_NODES_TO_SURFACE was utilised to model the contact between 

reinforcements and impactor, while keyword ERODING_SURFACE_TO_SURFACE 

was set for concrete and impactor. Besides, AUTOMATIC_SINGLE_SURFACE was 

adopted between concrete and steel liner. The consideration of reinforcement slippage 

was not included in the CONSTRAINED_BEAM_IN_SOLID keyword. 
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(a)  (b)  

Figure 8. 8 Dimension of composite panel. (a) Front view (b) Side view (unit: mm) 
[246] 

 

 

 

 
Figure 8. 9 Schematic view of impactor-panel system. 
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Table 8. 4 Parameters of impactor-panel system.  

Material LS-DYNA Model Input 
Parameters  

Magnitude 

Concrete MAT_CSCM_CONCRETE 
 
 
 

Mass Density            
NPLOT 
Compression 
strength 
Maximum 
aggregate 

2400 kg/m3 
1 
43.2 MPa 
 
19 mm 

Steel 
reinforcement/Stud 

MAT_PIECEWISE_ 
LINEAR_PLASTICITY 

Mass density 
Yield strength 
Poisson’s ratio 
Young’s 
modulus 

7850 kg/m3 
455 MPa 
0.3 
210 GPa  

Steel liner MAT_PLASTIC_KINEMATIC Mass density 
Yield strength 
Poisson’s ratio 
Young’s 
modulus 

7850 kg/m3 
460 MPa 
0.3 
210 GPa  

Impact head MAT_RIGID Mass density 
Poisson’s ratio 
Young’s 
modulus 

7850 kg/m3 
0.22 
117 GPa 

Mass block MAT_RIGID Mass density 
Poisson’s ratio 
Young’s 
modulus 

7850 kg/m3 
0.3 
210 GPa 

 

 
Figure 8. 10 Mesh convergence results of penetration depth 
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The failure patterns observed in the first specimen closely matched the experimental 

findings, which is evident from Figure 8.11. D1 and D2 represented the maximum and 

minimum of the crater. The diameter of equivalent circle of the crater (Deq) could be 

calculated as  √𝐷1𝐷2. Table 8.5 shows that the numerical prediction of Deq was 322.2 

mm, while the experimental result measured 356 mm, resulting in an approximate 

difference of 9.5%. Furthermore, the penetration depth measured 65 mm in the numerical 

prediction, whereas the experimental result showed 57 mm, indicating an approximately 

14.0% difference. Concerning specimen 2, the numerical prediction for Deq was 333.5 

mm, while the experimental measurement recorded 357 mm, exhibiting an approximate 

difference of 6.6%. The penetration depth was predicted to be 102 mm in the numerical 

analysis, whereas the experimental data indicated 103 mm, resulting in an approximate 

difference of 0.97% (see Figure 8.12). The results demonstrated a clear alignment 

between the numerical predictions and experimental measurements. As a result, 

employing this numerical model allows for precise simulation of the impact behaviour 

observed in reinforced concrete panels subjected to FT cycles in subsequent studies. 

(a)  (b)  
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(c)  

 
Figure 8. 11 Failure patterns of reinforced concrete panel for specimen 1. (a) Front 
crater from experiment (b) Front crater from numerical simulation (c) Penetration 

depth of concrete panel 

 

(a) (b)  

 
Figure 8. 12 Failure patterns of reinforced concrete panel for specimen 2. (a) Front 

crater from numerical simulation (b) Penetration depth of concrete panel 

 

Table 8.5 Comparative analysis of numerical and experimental findings for concrete 
panels. 

Numerical 
Test Trial 

Numerical results  
(mm) 

Experimental results 
 (mm) Error (%)  

 

Penetratio
n depth 

Equivalent 
diameter of 

crater 

Penetration 
depth 

Equivalent 
diameter of 

crater 

Penetration 
depth 

Equivalent 
diameter of 

crater 
1 65 322.2 57 356 -14 9 
2 102 333.5 103 357 1 7 
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8.4 Impact resistance of reinforced concrete panel after cryogenic FT cycles 

In the preceding section, the material and numerical model validation demonstrated its 

capability to accurately forecast the impact resistance of the designated reinforced 

concrete panel under normal room temperature conditions. Nevertheless, when it comes 

to LNG storage tanks, the structural integrity faces an additional obstacle due to the 

effects of FT cycles. To analyse the influence of FT cycle in relation to reinforced 

concrete panel after cryogenic FT cycles, four different groups were tested, including 0 

time, 10 times, 20 times and 30 times of FT cycles. The temperature ranged from 20 °C 

~ -165 °C with cooling rate 2~3 ℃/min. A 500 kg impactor was free dropping at 35 m 

falling height (its impact velocity was 26.19 m/s). The dimension of the reinforced 

concrete panel was discussed in Section 3.2. In this section, the concrete compressive 

strength was set as 53.8 MPa. The MAT_CSCM_CONCRETE material model was 

utilised for analysing concrete without any exposure to FT cycles. Conversely, the 

MAT_CSCM model was employed to study the varying properties of NSC under various 

numbers of FT cycles, and the input parameters are summarised in Tables 8.1, 8.2 and 

8.3. Other materials such as reinforcements, steel liner and impactor etc. were the same 

as those indicated in Section 8.3. 

The failure patterns of target reinforced concrete panel are presented in Figure 8.13. With 

an increase in the number of FT cycles, the dimensions of the crater on the upper surface 

of the target panel also expanded. Deq on the upper surface of the target panel for 0 time, 

10 times, 20 times and 30 times of FT cycles was 268.0 mm, 336.7 mm, 351.9 mm and 

383.7 mm, respectively. After 10 times, 20 times, as well as 30 times of FT cycles, the 

equivalent diameter of the crater was 1.25, 1.31 and 1.43 times greater than the specimen 

that had not undergone any FT cycles. This demonstrated a progressive enlargement of 

the front crater with each additional FT cycle. With the escalation in the number of FT 
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cycles, there was a corresponding increase in the penetration depth of the target panel (see 

Figure 8.14). Specifically, the penetration depth measurements for 0 time, 10 times, 20 

times, and 30 times of FT cycles were 61 mm, 82 mm, 90 mm, and 93 mm, respectively. 

Additionally, after undergoing 10 times, 20 times, and 30 times of FT cycles, the 

penetration depth increased by 1.34 times and 1.48 times as well as 1.52 times, 

respectively, as compared to the specimen that without any FT cycles. This indicated a 

clear and progressive amplification in the penetration depth as the number of FT cycles 

was augmented. In conclusion, the impact resistance of concrete structures could be 

influenced by FT cycles. 

The repeated exposure to freezing and thawing conditions could lead to an increase in 

both the size of craters on the surface and the penetration depth (see Figure 8.15). As the 

number of FT cycles rises, these effects become more pronounced, indicating that 

concrete structures, especially those subjected to harsh environmental conditions, may 

experience reduced impact resistance over time. From Section 8.2, it was evident that this 

phenomenon was related to the decrease in concrete performance such as compressive 

strength, splitting tensile strength, fracture energy etc. after cryogenic FT cycles. This 

degradation in impact resistance is a critical consideration for the long-term durability 

and performance of such structures, warranting careful assessment and appropriate 

mitigation strategies in design and maintenance practices. 

 (a) (b)  
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(c) (d)  

 
Figure 8. 13 Failure patterns of reinforced concrete panels. (a) 0 time FT cycle (b) 10 

times FT cycles (c) 20 times FT cycles (d) 30 times FT cycles 

(a)  (b)  

(c)  (d)  

 
Figure 8. 14 Penetration depth of reinforced concrete panels. (a) 0 time FT cycle (b) 10 

times FT cycles (c) 20 times FT cycles (d) 30 times FT cycles 

 
Figure 8. 15 Number of cryogenic FT cycles versus Deq and penetration depth. 
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8.5 Parametric study 

Utilising the aforementioned model, a parametric study was conducted to examine the 

impact behaviour of target concrete panels under both ambient temperature conditions 

and after undergoing FT cycles. This study aimed to investigate the effects of various 

parameters on the panel's response. The mesh size and material model were identical to 

those in Section 8.4. In this section, it would explore the influence of impact velocity and 

impact mass at ambient temperature and after 10 times of cryogenic FT cycles.  

8.5.1 Effect of impact velocity 

To assess the impact of varying impact velocities on reinforced concrete panels after 

undergoing FT cycles, four distinct impact velocity groups were examined. These groups 

included impact velocities of 19.70 m/s (corresponding to a falling height of 20 m), 22.13 

m/s (dropping height of 25 m), and 24.24 m/s (dropping height of 30 m), as well as 26.19 

m/s (dropping height of 35 m). A 500 kg weight was used as the impactor during the tests. 

Figure 8.16 shows the failure patterns of reinforced concrete panels at ambient 

temperature under different impact velocities. The diameter of the equivalent circle of the 

crater with falling height 20 m, 25 m and 30 m was 191.1 mm, 221.3 mm and 257.4 mm 

and  the penetration depth was 51 mm, 55 mm and 60 mm, respectively. In other words, 

the damage area on the top side was larger with the increase in impact mass. Figure 8.17 

displays the final damage patterns of the target panels under various impact velocities 

after 10 FT cycles, revealing that higher impact velocities led to more severe damage to 

the panels. The diameters of the equivalent circle of the crater at impact velocities of 

19.70, 22.13 and 24.24 m/s were measured at 267.2 mm, 278.0 mm, and 304.6 mm, 

respectively. Comparatively, these values were 0.79 times, 0.83 times, and 0.9 times 

smaller than the diameter observed at 26.19 m/s impact velocity. That means the diameter 
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of the crater increased as the impact velocity escalated. It was clear that the target panels 

at ambient temperature are more resistant than the ones after 10 FT cycles. 

Moreover, as the impact velocity increased, it led to a greater penetration depth of the 

panel, as demonstrated in Figure 8.18. At impact velocities of 19.70, 22.13 and 24.24 m/s, 

the penetration depths were measured as 54 mm, 70 mm, and 74 mm, respectively. This 

indicates that higher impact velocities are associated with deeper penetration into the 

panel. With an equivalent impact weight, it was evident that the impact resistance of 

concrete panels following 10 FT cycles was inferior as compared to their performance at 

room temperature.  

 
(a) 19.70 m/s  

(b) 22.13 m/s 
 

(c) 24.25 m/s 
 

Figure 8. 16 Final damage patterns of target panels at different impact velocities at 
ambient temperature. 

 

 
(a) 19.70 m/s  

(b) 22.13 m/s 
 

(c) 24.25 m/s 
 

Figure 8. 17 Final damage patterns of target panels at different impact velocities after 
10 FT cycles. 
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Figure 8. 18 Penetration depth of target panels in different impact velocities. 

8.5.2 Effect of impactor weight 

The effect of impactor weight was examined by altering the weight of the punch utilised 

in the tests to 200, 500, and 800 as well as 1100 kg. The falling height was kept constant 

at 35 m, resulting in an impact velocity of 26.19 m/s during the experiments. Figure 8.19 

displays the failure patterns of reinforced concrete panels at ambient temperature under 

different impactor mass. The diameter of the equivalent circle of the crater with impactor 

mass 200, 800 and 1100 kg was 231.1 mm, 330.6 mm and 431.1 mm and the penetration 

depth was 42 mm, 273 mm and 400 mm, respectively. Based on the damage level from 

Zou et al. [246], damage level I refers to the formation of a localised crater solely on the 

front surface of the reinforced concrete panel upon impact; Damage level II involves not 

only the presence of a front impact crater but also the emergence and propagation of both 

radial and circumferential cracks; Damage level III is characterised by the complete 

perforation of the RC panel, signifying a severe level of structural damage where the 

panel has been entirely penetrated. Compared with 200 and 800 kg, circumferential and 

radial cracks were developed in the target concrete panel with 1100 kg, which referred to 

damage level II. Furthermore, the punching shear failure area increase dramatically with 
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the increase in impact mass. Figure 8.20 presents the final damage patterns of the target 

panels under different impact masses subjected to 10 cycles of FT, indicating that higher 

impact masses resulted in more severe damage to the panels. Notably, when the impact 

weight reached 1100 kg, the hammer penetrated the entire concrete panel. The diameter 

of the equivalent circle of the crater at impact masses of 200, 800, and 1100 kg was 

measured as 260.2 mm, 454.6 mm, and 573.5 mm, respectively. From Figure 8.20(c), it 

could be observed that the entire target plate was punctured by a high-speed punch, 

resulting in circumferential and radial cracks. This was the most severe specimen among 

all tests, which was damage level III. It was significant to highlight that, in Figure 8.18 

and Figure 8.19, the diameter of the equivalent circle of the crater on the panel after 10 

cycles of FT, demonstrated increments of 1.1 times, 1.3 times, 1.4 times, and 1.3 times in 

comparison with the panels subjected to ambient temperature conditions, respectively.  

Additionally, as illustrated in Figure 8.21, an increase in impact mass led to a greater 

penetration depth of the panel. Specifically, the penetration depth for impact masses of 

200, 800, and 1100 kg was measured as 45 mm, 293 mm, and 400 mm, respectively. The 

penetration depth for 500, 800 and 1100 kg impactor was 1.82 times, 6.5 times, and 8.89 

times greater than the 200 kg one. It was noted that the impact resistance of concrete 

panels exhibited a decline following 10 FT cycles, in contrast to its performance under 

room temperature conditions at the same impact velocity. 

 
(a) 200 kg 

 
(b) 800 kg  

(c) 1100kg 
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Figure 8. 19 Final damage patterns of target panels in different impact weights at 
ambient temperature. 

 
(a) 200 kg 

 
(b) 800 kg  

(c) 1100kg 
 

Figure 8. 20 Final damage patterns of target panels in different impact weights after 10 
FT cycle. 

 
Figure 8. 21 Penetration depth of target panels in different impact mass. 

 

8.6 Limitations 

The application scope of the model is specifically targeted at assessing the impact 

resistance of reinforced concrete structures, particularly in scenarios involving cryogenic 

FT cycles. This model finds relevance in critical energy infrastructure applications, such 

as ACLNG storage tanks.  

Notwithstanding its contributions, this study does have certain limitations. The findings 

and conclusions for this study are specific to a typical concrete material with uniaxial 
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compressive strength of 53.8 MPa and a w/c ratio of 0.44. Variations in material 

properties, such as compressive strength and w/c ratio, could yield different outcomes, 

and therefore, the generalisation of the findings to a broader range of concrete 

compositions may require further experimental investigation and validation. 

 

8.7 Summary 

The impact resistance of reinforced NSC panels after FT cycles was investigated using a 

refined finite element model. The CSCM model was adopted and modified to incorporate 

various parameters such as shear modulus (G), bulk modulus (K), uniaxial and triaxial 

compression surface, as well as damage parameters. The subsequent conclusions can be 

drawn: 

• After FT cycles, the elastic modulus, splitting tensile, and compressive strength 

as well as fracture energy of concrete decreased. As the number of FT cycles 

increased, the performance of concrete also continuously decreased.  

• The modified CSCM model effectively captured the impact behaviour of 

reinforced concrete panels after FT cycles, considering various mechanical 

parameters. 

• The predictive capability of the numerical model was validated through 

experimental verification, demonstrating its reliability in assessing the impact 

resistance of reinforced concrete structures. 

• FT cycles were observed to adversely affect the impact resistance of the concrete 

structures. As the number of FT cycles increased, there was an observable 

escalation in the dimensions of craters formed on the surface as well as an increase 

in the penetration depth of the panels. These trends collectively suggested a 

decline in the impact resistance of the panels with the progression of FT cycles. 
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Chapter 9. BEHAVIOUR OF ACLNG STORAGE TANK UNDER 

BLAST LOADING CONSIDERING CRYOGENIC TEMPERATURE 

EFFECT 

9.1 Introduction 

This study explores the dynamic performance of ACLNG storage tanks under combined 

blast loading and cryogenic temperature conditions, which are critical for ensuring their 

safety and structural integrity. To accurately capture the mechanical behaviour of 

concrete for both NSC and UHPC at low and cryogenic temperatures, a modified 

Karagozian & Case Concrete (KCC) model was developed, incorporating temperature-

dependent adjustments for material brittleness and strength. The model was validated 

against experimental data, confirming its effectiveness in predicting the material response 

under extreme environmental and loading scenarios. A full-scale numerical model of an 

ACLNG storage tank was established using LS-DYNA, simulating the effects of blast 

loads at cryogenic temperatures. Results indicate that cryogenic conditions amplify the 

brittleness of concrete and influence the damage patterns of inner tank under blast 

loading, emphasising the importance of temperature-sensitive design considerations. The 

findings of this research contribute to the advancement of ACLNG storage tank design, 

offering practical guidance for optimising safety and resilience in demanding operational 

environments. 

 
9.2 Constitutive models and material properties 

9.2.1  KCC Concrete model 

Many concrete constitutive models such as Karagozian & Case Concrete model (KCC) 

[247], Riedel-Hiermaier-Thoma (RHT) model [248] and the CSCM are available in 
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commercial software LS-DYNA [242] and are extensively used on NSC structural 

modelling against blast loads. As for NSC, the KCC model parameters can be derived 

automatically using uniaxial compressive strength. This feature renders KCC a very 

popular concrete constitutive model especially when material characterising results are 

not available. However, to better simulate the behaviour of CUHPC, it is required to 

adjust the parameters of the KCC model due to the varied mechanical properties, 

particularly the tensile capability of UHPC [249]. The strength/stiffness change owing to 

the cryogenic attack, rate sensitivity change, and damage also needs to be considered for 

both NSC and CUHPC prior to performing the multi-hazard (cryogenic attack and blast 

loadings) analysis in the KCC model. 

9.2.1.1 Strength surface parameters 

The initial yield strength surface Δσy, maximum strength surface Δσm, and residual 

strength surface Δσr are the three independent strength surfaces defined by the KCC 

model [247]. The following definitions apply to these three shear strength surfaces, 

∆𝜎𝑚 = 𝑎0 +
𝑝

𝑎1+𝑎2𝑝
    (maximum strength surface)                              (9.1) 

∆𝜎𝑟 =
𝑝

𝑎1𝑓+𝑎2𝑓𝑝
    (residual strength surface)                                   (9.2) 

∆𝜎𝑦 = 𝑎0𝑦 +
𝑝

𝑎1𝑦+𝑎2𝑦𝑝
    (yield strength surface)                                (9.3) 

where 

         𝑝 = −
𝜎1+𝜎2+𝜎3

3
                                                     (9.4) 

is the hydrostatic pressure with σ1, σ2 and σ3 being the principal stresses. Seven material 

strength surface parameters are 𝑎0,𝑎1, 𝑎2, 𝑎1𝑓 , 𝑎2𝑓 , 𝑎1𝑦, 𝑎2𝑦.  Joy and Moxley [250] 

demonstrated that the initial yield strength for NSC is 0.45 times of its maximum strength 



 
 

213 
 

under triaxial compression. The equivalent yield surface point (p’, σy) can be empirically 

estimated using Equation (9.5) according to the maximal strength surface point (p, σm). 

The maximum and residual strength can be determined by using the triaxial stress-strain 

curve. It is worth noting that because the residual strength is zero under unconfined 

compression test, the residual strength will be zero when the pressure is equal to zero.               

{

∆𝜎𝑦=0.45 ∆𝜎𝑚  

p'=p-
0.55

3
∆𝜎𝑚

 (9.5) 
 

Using linear interpolation method, the current failure surface of concrete under different 

states can be determined with the consideration of the accumulated damage as follows, 

∆σ=√3J2= {
∆σy+η(∆σm-∆σy),  λ≤λ𝑚  Strain hardening
∆σr+η(∆σm-∆σr),   λ>λ𝑚   Strain softening

                                (9.6) 

where J2=
(𝜎1−𝜎2)2+(𝜎2−𝜎3)2+(𝜎1−𝜎3)2

6
 is the second deviatoric stress invariant, η presents 

the scale factor which is related to the modified effective plastic strain 𝜆. η(λ) value 

varies from 0 to 1. The value of η is determined by the damage variable λ. It indicated 

stain hardening phase where λ increases from 0 to λm, and η increases from 0 to 1. It 

represents for strain softening when η decreases from 1 to 0. 

Triaxial compression tests with various confinement levels and unconfined compression 

tests can also yield data on the strength meridian. Using the unconfined compressive 

strength of concrete, the KCC model is automatically produced. The following scaling 

law can be used to create the compressive strength surface characteristics for an updated 

concrete model in which unconfined compressive strength is given. 

a0n=a0r, a1n=a1, a2n=a2r (9.7)  
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where 𝑟 =
𝑓𝑐,𝑛𝑒𝑤

𝑓𝑐,𝑜𝑙𝑑
, the unconfined compressive strength of a previously modelled concrete 

is represented by fc,old. The following Equations (9.8)-(9.10) are used to determine the 

strength surface parameters of  normal concrete [251]. 

a0=0.2956 fc; a1=0.4463; a2=0.0808/ fc                                            (9.8) 

a0y=0.2232 fc; a1y=0.625; a2y=0.2575/ fc                                           (9.9) 

a0f=0; a1f=0.4417; a2f=0.1183/ fc                                                        (9.10) 

In the present study, uniaxial compressive strength with 41.2 MPa for NSC at room 

temperature and the compressive strength with 55.7 MPa at -160 ℃ were adopted, based 

on the experimental results from Yan  and Xie [252]. The uniaxial compressive strength 

with 161.2 MPa for CUHPC is used as examples at room temperature and 211.6 MPa at 

-160 ℃ from the previous study [219]. The corresponding strength surface parameters 

are displayed in Table 9.1 and Table 9.2. 

Table 9. 1 NSC strength surfaces parameters after modification. 
 

a0 a1 a2 a1f a2f a0y a1y a2y 
NSC 41.2 MPa 
KCC default 

1.22E+7 0.446 2.0E-9 0.442 2.87E-9 9.20E+6 0.625 6.25E-9 

NSC at -160 ºC 1.65E+7 0.479 1.45E-9 0.442 2.12E-9 1.24E+7 0.625 4.62E-9 

 

Table 9. 2 UHPC strength surfaces parameters after modification. 

 a0 a1 a2 a1f a2f a0y a1y a2y 
CUHPC at 
20 ºC [253] 5.48E+7 0.446 1.15E-9 0.442 1.08E-9 3.5E+7 0.625 3.37E-9 

CUHPC at  
-160 ºC 7.27E+7 0.446 8.73E-

10 0.442 8.21E-10 4.7E+7 0.625 2.57E-9 

 

In the KCC model, tensile strength of concrete at cryogenic temperature is another critical 

parameter to be considered, which can evaluate the residual tensile strength of concrete 

structures at cryogenic temperature. In terms of NSC, Shi et al. [254] suggested that the 
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relationship between tensile strength (𝑓′𝑡) and temperature T from 20 ℃ to −196 ℃ is 

as follows, 

𝑓𝑡 = 0.429𝑓′𝑐
0.509       − 196℃ ≤  𝑇 ≤ 20℃                            (9.11) 

where 𝑓′𝑐  is compressive strength at -160 ºC. Therefore, 𝑓′𝑡 =2.85 MPa for NSC at 

ambient temperature, and 𝑓′𝑡=3.32 MPa for NSC at -160 ℃. 

In the current study, the tensile strength regarding CUHPC was used 7.20 MPa at room 

temperature and 11.25 MPa at -160 °C, respectively [219]. 

9.2.1.2 Relationship between λ and η 

To characterise the hardening and softening of strength for NSC in compressive and 

tensile meridian, a default relationship between the modified effective plastic strain λ and 

the strength scale factor η is employed [255]. Additionally, a new modified λ-η 

relationship is created to satisfy the present UHPC. Table 9.3 presents both the NSC and 

current CUHPC λ-η relationships. 

Table 9. 3 NSC and CUHPC relationships between λ and η in the KCC model. 

NSC λ-η 
relationship 

CUHPC λ-η 
relationship 

[256]   
λ η λ η 

0.0 0.0 0.0 0.0 
8E-06 0.85 8E-06 0.85 

2.4E-05 0.97 2.4E-05 0.97 
4E-05 0.99 4E-05 0.99 

5.6E-05 1 5.6E-05 1 
7.2E-05 0.99 7.2E-05 0.99 
8.8E-05 0.97 8.8E-05 0.97 
3.2E-04 0.5 2.5E-04 0.8 
5.2E-04 0.1 6.2E-04 0.5 
5.7E-04 0.0 1.1E-03 0.3 

1.0 0.0 2E-03 0.1 
10 0 5E-03 0.0 

1E+10 0 1E+10 0.0 
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9.2.1.3 Damage accumulation parameters 

As mentioned earlier, the modified effective plastic strain λ is to account for damage 

accumulation under both compression and tension. The formula can be defined as 

follows, 

  λ = {
∫

𝑑𝜀𝑝̅̅̅̅

𝑟𝑓(1+𝑝/𝑟𝑓𝑓𝑡)𝑏1
  for 𝑝 ≥ 0

𝜀𝑝̅̅̅̅

0

∫
𝑑𝜀𝑝̅̅̅̅

𝑟𝑓(1+𝑝/𝑟𝑓𝑓𝑡)𝑏2
  for 𝑝 < 0

𝜀𝑝̅̅̅̅

0

                                                  (9.12) 

where 𝑟𝑓  is the rate enhancement factor (DIFs),  𝑑ɛ̅𝑝  is the effective plastic strain 

increment, b1 controls the damage and softening behaviour of stress-strain curve in 

uniaxial compression and b2 governs the damage and softening behaviour of stress-strain 

curve in tension.  

Wu and Crawford [255] also demonstrated that the data from the uniaxial compression 

test is fitted to obtain b1 regularisation, while b2 can be generated by fitting numerical 

fracture energy which can be obtained from tensile test. In this study, b1 is equal to 0.25 

and 0.1 for the target temperature of 20 and -160 ºC for the current CUHPC, whereas b1 

=1.65 and 1.0 at 20 and -160 ºC for NSC. b2 is assumed to be 1.35 for both NSC and 

CUHPC at cryogenic temperature. 

There is another damage evolution parameter in the KCC model 𝜔 which is an 

associativity parameter that controls volume expansion in shear dilatancy modelling. The 

element size and discretisation do have an impact on 𝜔 selection, albeit the effect is not 

entirely deterministic. The recommended value for well-confined and NSC concrete 

components is 0.80 or 0.90, for concrete components with poorly confined and without 

coarse aggregate is 0.5 or 0.75, whereas high-strength or CUHPC concretes with fine 

aggregate is less than 0.5 [255]. Hence, 𝜔 =0.8 for NSC in the following model validation 

and 𝜔 is taken as 0.5 for CUHPC. 
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9.2.1.4 Strain rate sensitivity 

Strain rate can affect the dynamic behaviour of materials. DIF can be determined as the 

ratio between the dynamic strength and the static strength, which is utilised to describe 

the strength enhancement of materials under high strain rate.  

The NSC rate sensitivity is adopted from the dynamic compressive and splitting tensile 

test data [199], as shown in Table 9.4. 

Table 9. 4 DIF of NSC at various temperatures [199]. 

20 ºC -160 ºC  20 ºC -160 ºC 

Strain rate CDIF Strain rate CDIF Strain 
rate TDIF Strain rate TDIF 

0 1 0 1 0 1 0 1 
24.61 1.18 39.10 1.12 6.73 2.57 24.32 4.23 
37.87 1.39 45.26 1.12 18.92 3.42 25.99 4.26 
39.18 1.47 79.38 1.16 22.03 3.41 41.26 4.82 
38.63 1.47 83.13 1.20 24.09 3.43 44.26 5.10 
76.60 1.54 108.99 1.26 36.77 4.13 58.06 5.29 
81.45 1.54 118.88 1.31 41.08 4.01 71.97 5.43 
81.81 1.55 155.16 1.36 41.15 3.83 78.79 5.63 
87.65 1.55 158.19 1.37 43.76 3.90 - - 
119.30 1.73 - - 57.2 3.99 - - 
121.30 1.79 - - 59.38 4.16 - - 
124.01 1.75 - - 60.64 4.24 - - 
127.00 1.79 - - 78.05 4.44 - - 
159.97 1.82 - - 80.90 4.46 - - 
164.28 1.89 - - 81.14 4.50 - - 
166.63 1.93 - - - - - - 
207.85 1.94 - - - - - - 

 

For UHPC, Chi et al. [219] obtained the DIFs values of CUHPC at 20 and -160 ℃ by 

curve fitting the experimental data, as shown in Table 9.5. The data listed below is 

adopted to predict the blast resistance of CUHPC at cryogenic temperature attack in the 

following simulation. 
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Table 9. 5 DIFs of CUHPC at various temperatures [219]. 

20 ºC -160 ºC  20 ºC -160 ºC 

Strain rate CDIF Strain rate CDIF Strain 
rate TDIF Strain rate TDIF 

0 1 0 1 0 1 0 1 
38.50 1.19 45.22 1.02 20.99 2.00 23.29 2.71 
40.72 1.16 50.04 1.07 21.39 2.00 42.33 2.85 
41.01 1.18 82.32 1.13 24.79 2.06 46.58 2.90 
77.20 1.27 88.86 1.15 25.24 2.31 64.34 3.16 
71.70 1.25 119.21 1.27 39.89 2.27 80.48 3.58 
81.38 1.32 122.82 1.24 40.63 2.31 - - 
103.15 1.37 161.49 1.30 42.71 2.59 - - 
119.09 1.46 - - 42.82 2.57 - - 
118.90 1.47 - - 60.02 2.62 - - 
120.09 1.47 - - 60.84 2.42 - - 
158.23 1.52 - - 61.68 2.49 - - 
162.60 1.45 - - 63.22 2.54 - - 
165.81 1.56 - - 76.20 2.59 - - 
- - - - 77.38 2.44 - - 
- - - - 81.32 2.77 - - 

 
 
9.2.1.5 Equation of state (EOS) 

EOS_TABULATED_COMPACTION is used to explain the relationship between 

pressure and volumetric strain in the KCC model. The pressure is defined as Equation 

(9.14) following below. Normally, the uniaxial compressive strength can be utilised to 

automatically generate the EOS of NSC, which is listed in Table 9.6.  

𝑝 = 𝐶(𝜇) + 𝛾0𝜃(𝜇)𝐸0 (9.14) 

where γ0 is the ratio of specific heat, and E0 is presented as the internal energy per initial 

volume. 𝐶(𝜇) is the input pressure from EOS assessed along a 0 K isotherm and 𝜃(𝜇) is 

thermal coefficient with respect to volumetric strain function, respectively. 

In the present model for UHPC, a piecewise EOS is described as follows,  

{

       𝑝 = 𝐾𝜇                                         𝑝 < 𝑝𝑐𝑟𝑢𝑠ℎ

𝑝 = 𝑝𝑐𝑟𝑢𝑠ℎ + 𝐾𝑙𝑜𝑐𝑘(𝜇 − 𝜇𝑐𝑟𝑢𝑠ℎ)     𝑝𝑐𝑟𝑢𝑠ℎ < 𝑝 < 𝑝𝑙𝑜𝑐𝑘

𝑝 = 𝐾1𝜇 + 𝐾2𝜇
2

+ 𝐾3𝜇
3

               𝑝 > 𝑝𝑙𝑜𝑐𝑘

                           (9.15) 
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where 𝑝𝑐𝑟𝑢𝑠ℎ  is the pressure at the first EOS slope change point, whereas  𝑝𝑙𝑜𝑐𝑘  is the 

second slope change point. The elastic bulk modulus 𝐾 = 𝑝𝑐𝑟𝑢𝑠ℎ/µ𝑐𝑟𝑢𝑠ℎ =
𝐸

3(1−2𝑣)
, 

where ν is presented as the Poisson’s ratio and E is the modulus of elasticity. 𝐾𝑙𝑜𝑐𝑘 =

(𝑝𝑙𝑜𝑐𝑘 − 𝑝𝑐𝑟𝑢𝑠ℎ)/(µ𝑝𝑙𝑜𝑐𝑘 − µ𝑐𝑟𝑢𝑠ℎ) whereµ𝑝𝑙𝑜𝑐𝑘  is the volumetric strain for  plock  and 

𝜇 = (µ − µ𝑙𝑜𝑐𝑘)/(1 + µ𝑙𝑜𝑐𝑘) , where µ𝑙𝑜𝑐𝑘 =
𝜌𝑔𝑟𝑎𝑖𝑛

𝜌𝑜
− 1 ( 𝜌𝑔𝑟𝑎𝑖𝑛  is the density after 

compaction and 𝜌𝑜 is the original density). 

Tables 9.6 and 9.7 illustrate the full definitions of the updated EOSs for various 

temperatures in relation to NSC and CUHPC, respectively. 

Table 9. 6 EOS for NSC at various temperatures. 

20 ºC 
(Default) 

𝜇 0 -0.0015 -0.0043 -0.01 -0.0305 -0.0513 -0.0726 -0.0943 -0.174 -0.208 

C (MPa) 0 21.70 47.31 75.96 144.32 217.68 308.83 472.47 2758 4219 
K (GPa) 14.47 14.47 14.67 15.41 18.33 21.27 24.19 26.40 59.41 72.34 

-160 ºC 
 

𝜇 0 -0.0015 -0.0043 -0.01 -0.0305 -0.0513 -0.0726 -0.0943 -0.174 -0.208 

C (MPa) 0 25.23 55.01 88.31 167.81 253.10 359.03 549.35 3207 4906 
K (GPa) 16.82 16.82 17.05 18.15 21.58 25.35 28.92 31.56 71.02 86.49 

 

Table 9. 7 EOS for CUHPC at various temperatures. 

20 ºC 
 

𝜇 0 -0.0016 -0.0043 -0.01 -0.0305 -0.0513 -0.0726 -0.0943 -0.174 -0.2 

C (MPa) 0 29.18 83.66 194.6 503.2 801.5 1107 1418.2 3016.4 4930 
K (GPa) 22.71 22.71 23.39 24.07 30.66 33.38 37.93 41.56 93.57 114 

-160 ºC 
 

𝜇 0 -0.0016 -0.0043 -0.01 -0.0305 -0.0513 -0.0726 -0.0943 -0.174 -0.2 

C (MPa) 0 49.18 107.2 172.1 327.1 493.3 699.8 1070.7 6251 9561 

K (GPa) 27.15 27.15 27.96 28.78 36.65 39.91 45.35 49.69 112 136 

 

9.2.2 Steel reinforcements model 

9.2.2.1 Temperature degradation effect 

The mechanical properties of steel bars exposed to low temperatures can also change. 

Chanda [257] has studied the performance of steel in the Arctic region. It found out the 

yield strength of X80 steel was increased by 4.8% and 11.7% at temperature -30 ℃ and 

-90 ℃, respectively, in comparison with 25 ℃. Dahmani et al. [2] stated the properties 
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of reinforcing steel and prestressing steel at cryogenic temperature. The study indicated 

an approximately 77.0% increase in yield strength at -196 ℃ in comparison with 20 ℃ 

for reinforced steel. It also reported an approximate 17.9% rise in yield strength at -165 

℃ when compared to 20 ℃ for prestressing steel. Yan & Xie [243] investigated the 

elastic modulus, yield strength, ultimate strength etc. of reinforcing steel HRB335, 

HRB400 and special low temperature steels (SLTS), ranging from 20~-165 ℃. It showed 

the elastic modulus, yield strength and ultimate strength for HRB335 were increased by 

9.5%, 16.6% and 22.8% at -165 ℃ as compared to 20 ℃. With a temperature decline 

from 20°C to -165°C, the ductility of HRB335 steel experienced a reduction of 30%. Xie 

[244] evaluated three types of mild steel (Q235, Q355 and Q460) at cryogenic 

temperature ranging from 20~-165 ℃. The values of yield strength and ultimate strength 

for the mild steels notably increased under the influence of low temperatures. The yield 

and ultimate strength of Q235 increased by 61.1% and 29.0% at -165 ℃ as compared to 

20 ℃. 

Steel bars possess different thermal properties as compared to the concrete matrix. They 

exhibit minimal dimensional changes under cryogenic conditions. This difference in 

thermal expansion and contraction properties between the reinforcement and the concrete 

matrix can provide some level of protection to the reinforcement. Yan & Xie [243] and 

Xie [244] conducted research on steel bars at low temperatures, and the results showed 

that the elastic modulus, tensile strength, and ultimate strength of the steel bars increased 

with the decrease of temperature. The observed transition point from a ductile to a brittle 

failure mode for the tested HRB335 and HRB400 type of reinforcing steels was recorded 

at a threshold temperature of -80 °C. Figures 9.1 (a) and (b), respectively, show the 

experimental results of the relative elastic modulus and tensile strength of steel bars based 

on Yan & Xie and Xie.  
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(a)   

(b)  
Figure 9. 1 Effect of the temperature with different steel types. (a) Relative elastic 

modulus (b) Relative yield strength 

In addition, the trendlines were created based on the results. In this study, the properties 

of steel reinforcement including relative elastic modulus and yield strength will be based 

on the trendline in HRB335 as the following empirical formulas, 

  𝐼𝐸 =
𝐸𝑇

𝐸𝑎
= −0.0003𝑇 + 1.006      − 165℃ ≤  𝑇 ≤ 20℃                     (9.16) 

             𝐼𝑦 =
𝑓𝑇

𝑓𝑎
= −0.0013𝑇 + 1.026      − 165℃ ≤  𝑇 ≤ 20℃                  (9.17) 

where 𝐼𝐸  and 𝐼𝑦  represent the relative elastic modulus and yield strength of the steel 

reinforcements, respectively. 𝐸𝑇 and 𝑓𝑇 are the elastic modulus and yield strength of the 
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steel reinforcements at low temperature, while 𝐸𝑎  and 𝑓𝑎  are the elastic modulus and yield 

strength of the steel reinforcements at room temperature. 

9.2.2.2 Strain rate effect 

The yield and ultimate tensile DIFs that suggested by CEB [258] are provided as follows, 

YDIF =
𝑓𝑦

𝑓𝑦0
= 1.0 + (

6.0

𝑓𝑦0
) ln (

𝜀𝑠̇

𝜀𝑠0̇
) 

 

(9.18) 

 

UDIF =
𝑓𝑢

𝑓𝑢0
= 1.0 + (

7.0

𝑓𝑢0
) ln (

𝜀𝑠̇

𝜀𝑠0̇
) 

 

(9.19) 

where 𝑓𝑦  is the dynamic yield strength and 𝑓𝑢 is presented as ultimate tensile strength; 𝑓𝑦0  

and 𝑓𝑢0 are static yield strength and ultimate tensile strength in MPa; 𝜀𝑠̇ is strain rate and 

𝜀𝑠0̇  is strain rate at quasi-static state, which is equal to 50 × 10−5 𝑠−1. 

9.3  Validation of reinforced concrete beam under static load at cryogenic 

temperature 

To verify the accuracy of the reinforced concrete model at cryogenic temperature, the 

quasi-static test from Liu et al. [113] was adopted. The dimensions of reinforced concrete 

beam were 40 mm × 40 mm × 300 mm in width × height × length. The diameter (ϕ) of 

primary and secondary reinforcement was 4 mm, and the diameter (ϕ) for stirrup was 1.6 

mm (see Figure 9.2). More details on the dimensions of reinforced concrete beams can 

be found in Liu et al. [113]. A full numerical reinforced concrete model was established 

to verify the quasi-static test and used the implicit solver in LSDYNA for Finite Element 

analysis. From Figure 9.3, it could be seen that the numerical model was mainly divided 

into three parts, including reinforced concrete beam, loading platen as well as the support. 

The mesh size of concrete, reinforcement, loading platen and support was 10 mm, 5 mm, 
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10 mm and 10 mm, respectively. MAT_CONCRETE_DAMAGE_REL3 was utilised as 

concrete model. In the model, the MAT_PIECEWISE_LINEAR_PLASTICITY material 

model was applied to represent the behaviour of steel rebars, and MAT_RIGID was 

adopted for loading platen and the support. The material properties employed in this 

numerical simulation are summarised in Table 9.8. The loading was placed at the upper 

surface of the reinforced concrete beam, and the distance between the two loading platens 

was 80 mm. Displacement loading was added to loading platen. In the current study, the 

results will be compared with the experimental data at room temperature and -160 ℃ . 

 
Figure 9. 2 Dimensions of reinforced concrete beam [113]. 

 
Figure 9. 3 Schematic view of reinforced concrete beam. 

Table 9. 8 Parameters of concrete and steel reinforcement in quasi-static test.  

Material LS-DYNA Model Input Parameters  20 ℃ -160 ℃ 
Concrete MAT_CONCRETE

_ 
DAMAGE_REL3 
 
 
MAT_ADD_ 
EROSION 

Mass Density 
Strength parameters 
λ-η relationship 
EOS 
Maximum principal 
strain 

2400 kg/m3 
Follow Table 9.1 
Follow Table 9.3 
Follow Table 9.6 

0.9 

2400 kg/m3 
Follow Table 9.1 
Follow Table 9.3 
Follow Table 9.6 

0.9 

Steel 
reinforcement 

MAT_PIECEWISE
_ 
LINEAR_PLASTIC
ITY 

Mass density 
Yield strength 
Poisson’s ratio 
Young’s modulus 

7800 kg/m3 
329 MPa 

0.3 
198 GPa 

7800 kg/m3 
368 MPa 

0.3 
204 GPa 

Loading platen 
& support 

MAT_RIGID Mass density 
Poisson’s ratio 
Young’s modulus 

7800 kg/m3 
0.3 

210 GPa 

7800 kg/m3 
0.3 

210 GPa 
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The final failure pattern of reinforced concrete beams under displacement loading is 

shown in Figure 9.4, revealing distinct bending of the reinforced concrete beam. The 

experimental data from the quasi-static four-point bending test conducted by Liu et al. 

[113] was used to validate the performance of model. As shown in Figure 9.5, the 

simulation results at 20 °C are in good agreement with the experimental load-deflection 

curve obtained from Liu et al.'s study. To enhance the precision of the numerical 

simulation, a comparison was made between the displacement curve derived from the 

numerical model and the corresponding experimental data, yielding an error of 

approximately 11.43%. When considering the cryogenic temperature of -160 °C, the 

simulation results also aligned well with the experimental data from Liu et al. [113]. The 

model was able to capture the changes in the material behaviour and structural response 

due to the low-temperature environment. The load-deflection curve at -160 °C exhibited 

a higher initial stiffness and ultimate load-bearing capacity as compared to the 20 °C case, 

which was consistent with the expected behaviour of reinforced concrete beam under 

cryogenic conditions. This difference corresponded to an error of approximately 12.51% 

between the numerical model and the experimental data at -160 °C with respective to the 

maximum deflection. This validation provided confidence in the reliability and 

applicability of model for further investigations of reinforced concrete structures in 

cryogenic environments, such as the ACLNG storage tanks will discuss in the following 

sections. 

 (a)  
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 (b)  
 

Figure 9. 4 Failure patterns of reinforced concrete beam. (a) at 20 °C (b) at -160°C. 

 
Figure 9. 5 Experiment and simulation results with respect to load-deflection curve. 

9.4  Validation of Prestressed concrete slab under blast loading 

9.4.1 Material model and properties 

In LS-DYNA, the pressure of air is typically represented by the following equation when 

simulating the air model using MAT_NULL and Equation of State (EOS) 

LINEAR_POLYNOMIAL [141], is expressed as Equation (3.1). Air is modelled by an 

idea gas, which can be achieved by setting 𝐶0=𝐶1=𝐶2=𝐶3=𝐶6=0, and 𝐶4=𝐶5=γ-1. The 

pressure of idea gas is given by Equation (3.2). In the simulation, γ=1.4,  𝜌0=1.225 kg/𝑚3 

and 𝐸 is 2.5× 105 J/𝑚3. 

The pressure of TNT generated by a chemical explosion is described by 

MAT_HIGH_EXPLOSIVE_BURN using Jones-Wilkins-Lee (JWL) EOS, which can be 
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calculated by Equation (3.3). The material characteristics and EOS parameters for ANFO 

are listed in Table 9.9. 

Table 9. 9 Material characteristics and EOS for explosives. 

Parameter ANFO [259] 
𝜌0 (kg/𝑚3) 830 
𝑣0 (m/s) 3879 
𝑃𝐶𝐽 (GPa) 3.25 
𝐴 (GPa) 231.8 
𝐵 (GPa) 3.414 
𝑅1  6.76 
𝑅2 1.07 
ω 0.36 
𝐸0 (J/𝑚3) 1.58 × 109 

 

The strain between the concrete beam and prestressing tendon can be expressed as follows 

[260], 

𝜀𝑇 = 𝜀𝐶 + 𝜀𝑇𝑒 (9.20) 

where 𝜀𝐶  is the strain of concrete shrinkage, 𝜀𝑇𝑒 denotes the tensile strain of prestressing 

tendon due to contact force, and the 𝜀𝑇  represents the shortening of the prestressing 

tendon when the temperature drops without contact force. 

The prestressing forces were applied to the tendons via the temperature-induced rebar 

shrinkage. Based on the strain compatibility equation of concrete and prestressing tendon, 

the temperature change (∆𝑇) can be obtained: 

∆𝑇 × 𝛼 =  
𝑓

𝐴𝐶𝐸𝐶
+

𝑓

𝐴𝑠𝐸𝑠
 (9.21a) 

∆T =  
𝑓

𝛼
× (

1

𝐴𝐶𝐸𝐶
+

1

𝐴𝑠𝐸𝑠
)  

(9.21b) 

𝑓 is the pre-stressing force in kN, 𝐴𝑠and 𝐸𝑠 are cross section area and elastic modulus of 

tendon, respectively;  𝐴𝐶  and 𝐸𝐶  stand for the corresponding measures of concrete; ∆T is 
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the change of temperature; 𝛼 is the thermal expansion coefficient of tendons, which was 

0.0001 [260] in this study.  

The prestressed steel reinforcement included 7-strand steel wires with a diameter of 15.2 

mm, a nominal diameter of 15.7 mm2, an ultimate strength of 1860 MPa. The tendon 

specimens were subjected to a prestressing force of approximately 510 kN.  

The MAT_ELASTIC_PLASTIC_THERMAL material model was adopted for the 

prestressed tendons. Applying prestressing forces to the tendons was managed using the 

control card CONTROL_DYNAMIC_RELAXATION in LS-DYNA. 

 

9.4.2 Finite element model 

The finite element model of the prestressed concrete slab was validated against 

experimental results reported by Choi et al. [261]. The dimensions of the slab were 1 m 

× 1.4 m × 0.3 m in width, length and height (see Figure 9.6). The model consisted of an 

explosive charge, air, and a prestressed concrete slab, as shown in Figure 9.7. The mesh 

size for all elements was 10 mm, and the standoff distance between the explosive and the 

slab was 1 m. The air and explosive were modelled using the ALE multi-material group 

approach. The concrete slab was meshed with solid elements, and the 

CONSTRAINED_LAGRANGE_IN_SOLID approach was used to couple the ALE 

multi-material group and the concrete slab interaction. No rebar slippage was considered 

for this model in the CONSTRAINED_BEAM_IN_SOLID.  

The spherical explosive with a charge weight of 25 kg was modelled using the 

INITIAL_VOLUME_FRACTION_GEOMETRY approach. The concrete material was 

represented using the MAT_CONCRETE_DAMAGE_REL3 model at 20 °C for NSC.  
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Figure 9. 6 Dimension and reinforcement of prestressed concrete slab in explosion test 

[261] (unit: mm). 

 
Figure 9. 7 Finite element model of prestressed concrete slab. 

9.4.3 Model validation 

The time history curves of the midspan response, comparing the experimental data and 

the numerical simulation results, are shown in Figure 9.8. The maximum deflection 

behaviour was measured using an LVDT installed at the centre of the bottom surface of 

the concrete specimen. The experimental and numerical results showed good agreement 

in terms of the overall deflection behaviour. The numerical simulation was closely 

matching the experimental data. The peak deflection values from the two approaches were 

also in close proximity with approximately 12.5% differences, indicating that the finite 

element model was able to accurately capture the maximum response of the prestressed 

concrete slab under the blast loading conditions. 
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Figure 9. 8 Time history curves of midspan response. 

9.5 Blast resistance of ACLNG storage tank at cryogenic temperature 

The ACLNG storage tank considering cryogenic temperatures effect subjected to blast 

loading was investigated, focusing on a tank with a storage capacity of 80,000 m³. Figure 

9.9 illustrates the structural components and overall configuration of the ACLNG storage 

tank. The tank's structural specifications included an outer diameter of 59.7 m and an 

inner diameter of 55.5 m, assuming with the LNG liquid level at 35 m. The thickness of 

the outer wall, inner tank wall and tank base slab was 0.6 m. The detail dimensions of 

ACLNG storage are presented in Table 9.10. Both outer and inner tanks were constructed 

using a cast-in-place prestressed reinforced concrete structure. Figure 9.10 shows the 

cross-section of ACLNG storage tank wall. The outer tank with a reinforced concrete 

dome was to robust performance under extreme loads. The prestressed steel 

reinforcement included 7-strand steel wires with a diameter of 15.2 mm, a nominal 

diameter of 15.7 mm2, having a yield strength of 1600 MPa and ultimate strength of 1860 

MPa, offering high strength and durability. The spacing for both vertical and 

circumferential tendon was 250 mm. The reinforcement consisted of two layers with Φ 

20 mm @ 200 mm for outer & inner wall as well as the base slab.  
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Figure 9. 9 Schematic diagram of ACLNG storage tank. 

Table 9. 10 Dimension of ACLNG storage tank (in unit: m) [262]. 

A B C D E Tank wall 
thickness 

Tank 
base slab 

55.5 35 60.9 55.5 8 0.6 0.6 
 

                                       
To simulate the dynamic response of the tank under explosive loading, a full scale 

ACLNG storage tank model was established in LS-DYNA with dimensions of 70 m × 

70 m × 65 m in X, Y, Z directions for air zone (see Figure 9.10).  

The MAT_NULL was employed for LNG, the same as the air, and the GRUNEISEN 

EOS was utilised for LNG, which can define the pressure of the material under 

compression as: 

 𝑃 =
𝜌0𝐶2𝜇[1+(1−

𝛾0
2

)𝜇−
𝑎

2
𝑢2

[1−(𝑆1−1)𝜇−𝑆2
𝜇2

𝜇+1
−𝑆3

𝜇2

(𝜇+1)2]2
+ (𝛾0 + 𝑎𝜇)𝐸             (9.22) 

and for the pressure when the material expands as: 

    𝑃 = 𝜌0𝐶2𝜇 + (𝛾0 + 𝛼𝜇)𝐸                                     (9.23) 

where C is the intercept of the curve (𝑢𝑠-𝑢𝑝) regarding shock velocity; 𝑆1, 𝑆2, 𝑆3 are the 

coefficients of (𝑢𝑠 -𝑢𝑝) curve slope; 𝛾0  is the constant; E is internal energy and  𝜇  is 
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volume change rate which is equal to 𝜌

𝜌0
− 1 (ρ and 𝜌0 are material density and initial 

material density, respectively). The GRUNEISEN equation of state parameters: C=2200 

m/s, 𝑆1=0, 𝑆2=0, 𝑆3=0, 𝛾0=0, ρ = 480 kg/m3 [263]. 

The air, explosive and LNG were modelled using the Arbitrary Lagrangian-Eulerian 

(ALE) multi-material group, while the concrete tank was represented using a Lagrangian 

mesh. The interaction between the ALE multi-material group and the ACLNG storage 

tank structure was facilitated using the CONSTRAINED_LAGRANGE_IN_SOLID, 

ensuring accurate coupling of the materials. The parameter of ACLNG storage tank is 

listed in Table 9.11 in details.  

According to AS 3961: 2017 [264], the safety standards required a fully surrounding 

fence to be placed at least 1.5 m away from the ACLNG storage tank. Therefore, the 

distance between the explosive and the outer tank in this analysis was 1.5 m. The 

INITIAL_VOLUME_FRACTION_GEOMETRY function was applied to model a 

rectangular explosive equivalent to a small delivery truck carrying a charge weight of 1.8 

t TNT [162]. 

 
Figure 9. 10 Finite element model of ACLNG storage tank. 
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Table 9. 11 Parameters of ACLNG storage tank.  

Material LS-DYNA Model Input 
Parameters  

NSC UHPC 

Concrete 
(including 
outer & inner 
wall, dome 
and base slab) 

MAT_CONCRETE_ 
DAMAGE_REL3 
 
 
 
MAT_ADD_ 
EROSION 

Mass Density            
Strength parameters    
λ-η relationship 
DIF       
EOS 
Maximum principal 
strain 

2400 kg/m3 
Follow Table 9.1 
Follow Table 9.3 
Follow Table 9.4 
Follow Table 9.6 

0.8 

2400 kg/m3 
Follow Table9. 2 
Follow Table 9.3 
Follow Table 9.5 
Follow Table 9.7 

0.8 

Steel 
reinforcement 

MAT_PIECEWISE_ 
LINEAR_ 
PLASTICITY 

Mass density 
Yield strength 
Poisson’s ratio 
Young’s modulus 
Strain rate 

7800 kg/m3 
Follow Eq. (9.19) 

0.3 
Follow Eq. (9.18) 
Follow Eq. (9.20) 

& (9.21) 

7800 kg/m3 
Follow Eq. (9.19) 

0.3 
Follow Eq. (9. 18) 
Follow Eq. (9.20) 

& (9.21) 
Prestressed 
tendon 

MAT_ELASTIC_PLA
STIC_THERMAL 

Mass density 
Yield strength 
Poisson’s ratio 
Young’s modulus 

7850 kg/m3 
1600 
0.3 
195 

7850 kg/m3 
1600 
0.3 
195 

Perlite 
insulation 
[72] 
 

MAT_PLASTIC_ 
KINEMATIC 

Mass density 
Yield strength 
Poisson’s ratio 
Young’s modulus 

66 kg/m3 
0.5 MPa 

0.4 
13.3 GPa 

66 kg/m3 
0.5 MPa 

0.4 
13.3 GPa 

 
The structural response of the ACLNG storage tank under blast loading is significantly 

influenced by the cryogenic temperature environment. As shown in Figure 9.11, the outer 

and inner tanks exhibited distinct deformation patterns, likely exacerbated by the low 

operating temperature of -160 °C. The outer tank (Figure 9.11(a)) experienced a more 

uniform distribution of effective plastic strain, indicating a global bending response. 

However, the inner tank (Figure 9.12(b)) displayed a more localised concentration of 

strain. This suggested that the inner tank was more vulnerable to localised damage and 

potential failure under the combined effects of blast loading and cryogenic temperatures. 

The low operating temperature can embrittle the concrete and alter the material properties, 

leading to reduced ductility and increased susceptibility to cracking and spalling. The 

time history curves in Figure 9.12 further demonstrated the dynamic response of the outer 

tank, revealing an initial rapid deformation followed by gradual stabilisation. However, 

the cryogenic conditions may accelerate the rate of deformation and increase the peak 
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displacement, posing a greater challenge for the tank's structural integrity. These results 

highlighted the importance of considering the coupled effects of the outer and inner tank 

configurations, as well as the dynamic nature of the blast loading and the cryogenic 

temperature environment, in assessing the overall structural performance of the ACLNG 

storage system.  

  
(a) Outer tank (b) Inner tank 

 
Figure 9. 11 The outer and inner ACLNG storage tank response. 

 

 
Figure 9. 12 Time history curves of outer tank response. 
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9.6 Parametric Study 

9.6.1 Influence of concrete material 

The damage patterns of the inner tank response were investigated for two different inner 

tank materials: NSC and CUHPC. The outer tank material was NSC for both cases in 

Figure 9.11 and Figure 9.13 subjected to 1.8 tons TNT charge weight. In the case of the 

inner tank with NSC (Figure 9.11 (b)), the damage pattern exhibited a larger affected area 

as compared to the inner tank with UHPC (Figure 9.13). The NSC inner tank showed 

more extensive spall damage, indicating a higher degree of deformation and potential loss 

of structural integrity. This can be attributed to the lower compressive strength and 

ductility of NSC as compared to CUHPC. The cryogenic temperatures experienced by 

the inner tank likely exacerbated the damage response. The lower temperature could have 

reduced the ductility and impact resistance of NSC, leading to more extensive spalling 

and deformation under the explosive loading. The combination of the cryogenic 

environment and the blast loading proved challenging for the NSC inner tank, resulting 

in a larger affected area and more severe spall damage. On the other hand, the inner tank 

with CUHPC (Figure 9.13) displayed a smaller affected area and less severe spall damage. 

The higher strength and improved ductility of CUHPC allowed the inner tank to better 

resist the deformation and spalling, leading to a more localised and controlled damage 

response. Moreover, the CUHPC inner tank exhibited a superior performance in the 

cryogenic environment. The high performance of CUHPC allowed the inner tank to better 

resist the combined effects of the low temperatures and the blast loading. The comparison 

between the two inner tank materials highlighted the advantages of using CUHPC over 

NSC for the inner tank in ACLNG storage tanks. The CUHPC inner tank exhibited a more 

advantageous damage pattern, with reduced spall damage and a smaller affected area, 
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suggesting enhanced structural performance and integrity under the given loading 

conditions. 

 
 

Figure 9. 13 Damage patterns of inner tank response with CUHPC. 

The decision to investigate the ACLNG storage tank configuration with UHPC for both 

the outer and inner tanks was driven by the need to explore advanced material solutions 

that could provide enhanced protection and performance under the demanding operating 

conditions. 

In the CUHPC configuration (Figure 9.14), both the outer and inner tanks exhibited 

improved damage resistance in comparison with the NSC case (Figure 9.11). The outer 

tank with CUHPC showed a more localised damage pattern, with a smaller affected area. 

Similarly, the inner tank with UHPC displayed a higher degree of damage containment, 

with a smaller affected zone. It is important to note that the concrete material used for 

both the outer and inner tanks was NSC in Section 9.5, which may exhibit reduced 

ductility and increased susceptibility to cracking and spalling under the combined effects 

of cryogenic temperatures and blast loading. 
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(a) Outer tank UHPC (b) Inner tank UHPC 

 
Figure 9. 14 Damage patterns of ACLNG storage tank response with UHPC. 

9.6.2 Influence of liquid level 

The influence of liquid level on the damage patterns of the inner tank in the ACLNG 

storage system is a critical consideration. Figure 9.15 presents the damage profiles of the 

inner tank under various liquid level conditions subjected to a 1.8 tons TNT explosive 

load with NSC for inner tank. When the liquid level was higher, as shown in Figure 

9.15(a) with 75% filling, the presence of the cryogenic LNG exerted a greater internal 

pressure on the inner tank walls. This increased pressure helped to confine the 

deformation of inner tank. As the liquid level decreased to 50% in Figure 9.15(b), the 

internal pressure reduced, allowing the inner tank walls to deform. It showed the damage 

area for 50% filling was larger in comparison with the cases with 100% and 75% liquid 

level. When the tank was completely empty, as depicted in Figure 9.16(c), the lack of 

internal pressure from the LNG, it was obvious that the damage area for inner tank was 

the largest of all the four groups. This indicated that higher liquid levels actually enhance 

the blast resistance of the ACLNG storage tank. 

These observations suggest that the liquid level plays a significant role in the inner tank's 

response to blast loading. Maintaining higher liquid levels in the ACLNG storage tank 
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was beneficial for improving the blast resistance and containment capabilities of the 

system. The confining effect of the cryogenic liquid helped to mitigate the potential for 

catastrophic, large-scale failures under extreme loading conditions. 

   
(a) 75% liquid level (b) 50% liquid level (c) Without liquid 

 
Figure 9. 15 Damage patterns of inner tank response with various liquid level. 

 
9.6.3 Influence of charge weight 

The magnitude of the TNT charge weight has a significant impact on the damage patterns 

observed in the ACLNG storage tank under blast loading conditions, as evident from the 

results presented in Figures 9.17 and 9.18 for outer tank and inner tank, respectively. Four 

different charge weights were tested, including 454 kg, 1.8 tons, 4.5 tons and 27 tons. The 

magnitude of charge weight that investigated was based on equivalent TNT of SUV/Van, 

water truck as well as semitrailer [162]. Figure 9.16 depicts the damage profiles of the 

outer tank in response to varying TNT charge weights, including 454 kg, 4.5 tons, and 27 

tons. As the charge weight increased, the effective plastic strain distribution within the 

outer tank structure became more intense and widespread. For the smaller 454 kg TNT 

charge (Figure 9.16(a)), the strain concentrated in localised regions, particularly at the 

base and along the upper portion of the tank walls. However, as the charge weight 

increased to 4.5 tons (Figure 9.16(b) and Figure 9.17(b)) and further to 27 tons (Figure 

9.16(c) and Figure 9.17(c)), the damage zone expanded, covering a larger area of the outer 

tank. The intense blast loading caused the concrete to go through severe damage. It 
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suggested that the concrete has reached its ultimate capacity and experienced complete 

fracture or spalling, creating a significant opening or hole in the tank. 

The increased TNT charge weight directly correlated with the magnitude of the blast-

induced loading on the ACLNG storage tank. Higher charge weights generated more 

intense pressure waves and higher impulsive loads, leading to more severe and extensive 

deformations in both the outer and inner tank structures. 

   
(a) 454 kg TNT (b) 4.5 t TNT (c) 27 t TNT 

 
Figure 9. 16 Damage patterns of outer tank response with various TNT charge weight. 

   
(a) 454 kg TNT (b) 4.5 t TNT (c) 27 t TNT 

 
Figure 9. 17 Damage patterns of inner tank response with various TNT charge weight. 

9.7 Summary 

The study comprehensively investigates the structural response of ACLNG storage tanks 

under combined blast loading and cryogenic temperatures. 
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• The modified Karagozian & Case Concrete (KCC) model effectively captures the 

temperature-dependent material response, providing a robust numerical 

simulation framework. 

• CUHPC demonstrated superior performance as compared to NSC under blast 

loading and cryogenic temperatures, with better damage resistance and reduced 

spalling, indicating enhanced structural integrity.  

• Cryogenic temperatures significantly impact concrete material properties, 

increasing brittleness and reducing ductility. 

• Higher liquid levels in the storage tank improve blast resistance by providing 

internal pressure that helps confine deformation.  Completely empty tanks show 

the most extensive damage, suggesting that maintaining adequate liquid levels is 

crucial for structural resilience. 

• Increasing TNT charge weights directly correlate with more severe and 

widespread damage, leading to more extensive deformations to both outer and 

inner tank structures. 
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Chapter 10. CONCLUSIONS AND OUTLOOK 

10.1 Conclusions 

The research investigated the response of buried gas pipelines subjected to blast loading. 

Additionally, the primary aim of this study was to comprehensively examine and 

characterise the dynamic mechanical properties of concrete materials at cryogenic 

temperatures and after FT cycles, with the ultimate goal of enhancing the blast and impact 

resistance of ACLNG storage tanks.  

Based on the analysis and discussions presented in the previous chapters, the primary 

findings can be summarised as follows: 

• The behaviour of buried steel gas pipelines subjected to ground surface explosions 

was investigated, the influence of factors such as charge weight, pipe diameter, 

wall thickness, burial depth, and soil type on pipeline damage was analysed. The 

research found that increasing TNT magnitude and pipe diameter increases 

damage potential, while increasing stand-off distance, pipe wall thickness, and 

burial depth reduces damage. Different steel grades and soil properties 

significantly influence pipeline response, with API X80 showing better blast 

resistance as compared to other grades. An empirical formula to predict pipeline 

cross-sectional flattening, was developed which is crucial for assessing pipeline 

safety and serviceability in urban energy distribution systems. 

• While dynamic strengths generally increased with higher strain rates, the 

sensitivity to strain rate decreased significantly at cryogenic temperatures for 

compression, as evidenced by decreasing CDIFs for both NSM and CUHPC. In 

contrast, the DIFs for both compression and tension of GUHPC were found to be 
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higher at lower temperatures, indicating that GUHPC became more sensitive to 

strain rate effects in cryogenic conditions. 

• The increased number of cryogenic FT cycles resulted in a notable increment in 

the strain rate sensitivity of concrete and decrease its ability to withstand dynamic 

loading.  When compared to NSC, the increase ratio of DIF for UHPC after FT 

cycles was much lower, which was likely contributed to the steel fibres. These 

fibres could enhance energy absorption and delay crack propagation, especially at 

high strain rates. 

• Cryogenic temperatures significantly impact concrete material properties, 

increasing brittleness and reducing ductility. UHPC demonstrated superior 

performance as compared to NSC under blast loading and cryogenic temperatures, 

with better damage resistance and reduced spalling, indicating enhanced structural 

integrity of ACLNG storage tank.  

 

10.2 Outlook 

The research conducted within this thesis has contributed to advancing the understanding 

of the dynamic behaviour of concrete materials and reinforced structures subjected to 

cryogenic temperature conditions or after cryogenic FT cycles subjected to extreme 

loadings. It has also provided new information to the performance of buried steel 

pipelines and full-scale ACLNG storage tanks under complex loading scenarios. Despite 

these advancements, several areas warrant further exploration to broaden the application 

and enhance the practical implications of the findings. 
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• Further research focuses on the development and evaluation of protective methods 

for buried gas pipelines subjected to blast/impact loadings, incorporating UHPC 

as a protective structural material. 

• While the current research examined concrete performance under specific 

temperature conditions, the long-term effects of repeated FT cycles require 

additional exploration. Future studies should extend the experimental framework 

to more number of FT cycles to better simulate the service conditions of structures 

in regions with extreme temperature fluctuations 

• The current study utilised steel fibres only for CUHPC and GUHPC. Future 

investigations should systematically evaluate how various fibre types (e.g., PVA, 

PP, basalt), geometries (e.g., hooked-end, twisted, corrugated), and hybrid 

combinations affect the mechanical properties and failure mechanisms of UHPC 

at cryogenic temperatures or after FT cycles. Particular attention should be given 

to how different fibres influence the strain rate sensitivity and crack propagation 

patterns under dynamic loading. This research direction could lead to optimised 

fibre-reinforcement systems specifically designed for cryogenic or FT cycles 

applications, potentially enhancing both strength and ductility characteristics. 

• This thesis primarily explores the macroscopic analysis of the dynamic 

mechanical performance of concrete. While some analyses were conducted using 

SEM and CT scanning to examine the microstructure of different types of concrete 

at low/cryogenic temperatures or after FT cycles, these analyses were relatively 

preliminary and lacked systematic and detailed investigation into the material 

changes under such conditions. For example, a comprehensive understanding of 

the microstructural evolution, including pore structure, crack propagation, and 

phase transformations, remains unexplored. In future work, a more in-depth and 
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systematic microstructural analysis will be carried out to investigate the changes 

in concrete materials under low/cryogenic temperatures and after FT cycles. This 

will involve advanced imaging techniques and quantitative methods to provide a 

clearer understanding of the material behaviour at the microscopic level. 

• Additionally, studies will concentrate on the dynamic performance of reinforced 

concrete structures under low/cryogenic temperatures and after FT cycles, 

particularly their blast and impact resistance. Experimental investigations will 

include testing various reinforcement configurations, concrete compositions, and 

boundary conditions to replicate real-world scenarios. 

Ultimately, the findings from these studies aim to bridge the gap between material-level 

understanding and structural-level applications, contributing to the design and 

optimisation of concrete structures in extreme environments, including their 

implementation in critical infrastructure such as pipelines, ACLNG storage tanks, and 

other cryogenic facilities. 
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Appendix A Relevant Regulations and Standards 

Here are some main Regulatory and Statutory in Australia, which specify the natural gas 

distribution and transmission system, different pipelines design and protection etc. 

• AS/NZA 2566.2: 2002 Buried flexible pipelines Part 2: installation 

• AS/NZS 2885 : 2018 Pipeline－Gas and liquid petroleum 

• AS/NZS 3725:2007 Design for installation of buried concrete pipes 

• AS 3814:2018 – Industrial and Commercial Gas-Fired Appliances  

• AS 3961:2017 The storage and handling of liquefied natural gas 

• AS/NZS 4058:2007 Precast concrete pipes (pressure and non-pressure) 

• AS/NZS 4645.2:2018 Gas distribution networks Part 2: Steel Pipe systems 

• AS 4564-2011 Specification for natural gas  

• AS/NZS 5601.1:2013 gas installation 

Appendix B. Minimum depth of cover [5, 12, 265]. 

Loading condition 
 

Minimum 
cover H (mm) 

Not subject to vehicle 
loading  300 

Land for agricultural use  600 
Subject to vehicular way:   

(1) no carriageway  450 
(2) sealed carriageways  600 

(3) unsealed carriageways  750 
Pipelines in embankment 

or other construction 
equipment loads  750 

Location 
  

Roadways  450 
Private property  300 

Rock (High density 
community area) 

MAOP ≤ 210 kPa 450 
MAOP ≤ 500 kPa; DN ≤ 150 

mm Steel 450 
MAOP> 500kPa or DN > 150 

mm Steel 600 

Sandy/clay areas (High 
density community area) 

MAOP ≤ 210 kPa 600 
MAOP ≤ 500 kPa; DN ≤ 150 

mm Steel 750 
MAOP> 500kPa or DN > 150 

mm Steel 750 
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Appendix C. TNT equivalent mass of different type of vehicles [149]. 

Type of vehicles Explosives TNT 

Equivalent mass (kg) 

Sedan 227 

SUV/van 454 

Small delivery truck 1814 

Container/water truck 4536 

Semitrailer 27216 

 

Appendix D. Physical characteristics of Dampier to Bunbury natural 

gas pipeline system. 

Section Pipe diameter 
(mm)  

Pipe wall 
thickness (mm) 

Steel grade 

Alcoa Wagerup 350 9.5 APL X42 
Dampier to 
Kwinana junction 

660 8.70 APL X65 

 660 12.7 APL X65 
Downstream of 
MLV 7 

660 8.74 APL X70 

Kwinana junction to 
main line valve 141 

550 7.64 APL X65 

Main line valve 141 
to main line valve 
150 

500 5.56 APL X65 

Pinjar 350 7.1 APL X52 
South west 
cogeneration lateral 

450 6.35 APL X60 
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Appendix E. Validation of empirical formula for pipeline safety. 

𝑊 
(kg) 

𝑆 
(mm) 

𝐷𝑏𝑑 
(mm) 

𝜙 
(mm) 

𝛿 
(mm) 

𝜎 
(MPa) 

𝜌 
(kg/m3) 

𝐺 
(MPa) 

𝐾𝑢 
(MPa) 

Empirical 
results 

Numerical 
results 

10 0 760 660 5.56 360 1400 1.74 5.52 0.099 0.102 
15 0 760 660 5.56 360 1400 1.74 5.52 0.119 0 
20 0 760 660 5.56 360 1400 1.74 5.52 0.139 0.135 
20 25 550 660 5.56 360 1400 1.74 5.52 0.210 0.32 
25 50 720 660 5.56 360 1400 1.74 5.52 0.150 0.161 
30 75 770 660 5.56 360 1400 1.74 5.52 0.138 0.156 
23 0 760 660 5.2 290 1255 24 5.52 0.187 0.302 
23 0 760 660 6.1 500 1255 13.7 5.52 0.160 0.168 
23 0 760 660 7 560 1255 6.9 5.52 0.133 0.175 
23 0 760 660 5.56 400 1255 1.724 15 0.189 0.24 
23 0 760 660 5.56 400 1255 1.724 30 0.207 0.353 
23 0 760 660 5.56 400 1255 13.7 5.52 0.177 0.187 
50 15 660 350 12.1 360 1400 1.74 5.52 0.004 0.0032 
42 20 770 450 10.4 360 1400 1.74 5.52 0.006 0.0044 
35 0 700 550 8.5 360 1400 1.74 5.52 0.102 0.111 
70 0 1200 580 6.2 360 1400 1.74 5.52 0.123 0.195 
50 0 1500 600 5.7 580 1600 1.74 420 0.405 0.352 
23 0 800 620 5.56 360 1800 1.74 5.52 0.050 0.07 
23 0 350 860 5.56 360 1400 1.74 5.52 0.368 0.52 

200 0 700 700 5.56 580 1600 2.524 30 0.882 0.99 
80 0 550 800 5.56 360 1300 20 200 0.749 0.974 

150 0 430 650 11.2 360 1500 2.5 250 0.885 0.72 
60 0 800 660 9.8 360 1620 6.6 25 0.133 0.101 
70 0 500 730 6.7 360 1780 10 56 0.414 0.32 
55 0 700 700 8.5 360 1300 24 78 0.326 0.26 
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Appendix F. Test results of NSM in compression SHPB test at 20, -70 

and 160 ℃. 

Temperature 
(T) 

Strain rate 
(s-1) 

Dynamic compressive 
strength 

(f'c,d) 
CDIF 

20 ℃ 

24.61 41.68 1.18 
37.87 48.97 1.39 
39.18 51.85 1.47 
38.63 51.77 1.47 
76.60 54.25 1.54 
81.45 54.27 1.54 
81.81 54.5 1.55 
87.65 54.82 1.55 

119.30 61.10 1.73 
121.30 63.10 1.79 
124.01 61.60 1.75 
127.00 63.03 1.79 
159.97 64.15 1.82 
164.28 66.77 1.89 
166.63 68.19 1.93 
207.85 68.30 1.94 

-70 ℃ 

37.28 52.51 1.22 
42.51 53.56 1.24 
72.60 55.24 1.28 
76.13 59.20 1.37 
84.25 59.25 1.37 

118.21 62.11 1.44 
121.11 66.59 1.54 
160.22 68.88 1.59 

-160 ℃ 

39.10 57.78 1.12 
45.26 58.03 1.12 
79.38 60.15 1.16 
83.13 61.91 1.20 

108.99 65.14 1.26 
118.88 68.05 1.31 
155.16 70.44 1.36 
158.19 70.82 1.37 
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Appendix G. Test results of NSM in splitting tensile SHPB test at 20, -

70 and 160 ℃. 

Temperature 
(T) 

Strain rate 
(s-1) 

Dynamic splitting 
tensile strength 

(f't,d) 
TDIF 

20 ℃ 

6.73 6.48 2.57 
18.92 8.63 3.42 
22.03 8.59 3.41 
24.09 8.65 3.43 
36.77 10.40 4.13 
41.08 10.10 4.01 
41.15 9.66 3.83 
43.76 9.84 3.90 
57.2 10.05 3.99 

59.38 10.48 4.16 
60.64 10.69 4.24 
78.05 11.18 4.44 
80.90 11.24 4.46 

 81.14 11.36 4.50 

-70 ℃  

21.39 10.45 3.73 
26.86 12.75 4.55 
37.95 13.10 4.68 
45.91 14.07 5.03 
51.49 14.35 5.13 
60.86 15.16 5.41 
78.02 15.84 5.66 
82.64 15.94 5.69 

-160 ℃  

24.32 12.98 4.23 
25.99 13.07 4.26 
41.26 14.81 4.82 
44.26 15.66 5.10 
58.06 16.24 5.29 
71.97 16.68 5.43 
78.79 17.28 5.63 
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Appendix H. Test results of NSM in compressive SHPB test after 

cryogenic FT cycles. 

Temperature 
range NO. FT Strain rate 

Dynamic 
compressive 

strength 
(f'c,d) 

DIF 

-160~20 ℃ 

2 

82.76 51.53 1.55 
85.62 55.74 1.68 

128.47 54.22 1.63 
131.36 56.06 1.69 
181.25 68.43 2.06 
185.44 66.80 2.01 

4 

83.21 55.35 1.84 
79.29 52.55 1.75 

127.77 53.79 1.79 
125.87 54.62 1.81 
175.17 62.72 2.08 
174.22 61.51 2.04 

8 

81.22 50.52 1.97 
82.96 52.61 2.05 

128.56 54.19 2.11 
134.16 49.81 1.94 
160.65 55.35 2.16 
180.29 58.46 2.28 
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Appendix I. Test results of CUHPC SHPB test in compressive at 20, -70 

and 160 ℃. 

Temperature 
(T) 

Strain rate 
(s-1) 

Dynamic 
compressive strength 

(f’c,d) 
CDIF 

20 ℃ 

38.50 191.18 1.19 
40.72 187.66 1.16 
41.01 189.86 1.18 
77.20 204.88 1.27 
71.70 202.05 1.25 
81.38 212.75 1.32 

103.15 221.32 1.37 
119.09 236.13 1.46 
118.90 236.52 1.47 
120.09 237.40 1.47 
158.23 245.12 1.52 
162.60 233.20 1.45 
165.81 250.86 1.56 

-70 ℃ 

39.06 203.57 1.05 
52.07 218.03 1.13 
81.57 237.81 1.23 
78.24 237.50 1.23 
75.03 243.05 1.26 
83.30 250.36 1.29 

121.25 260.66 1.35 
119.66 265.46 1.37 
114.72 260.48 1.35 
161.10 261.91 1.35 
162.55 266.51 1.38 

-160 ℃ 

45.22 215.09 1.02 
50.04 225.70 1.07 
82.32 239.35 1.13 
88.86 244.11 1.15 

119.21 268.09 1.27 
122.82 262.51 1.24 
161.49 274.53 1.30 

 

 

 



 
 

251 
 

Appendix J. Test results of CUHPC SHPB test in splitting tensile at 20, 

-70 and 160 ℃. 

Temperature 
(T) 

 Strain rate 
(s-1) 

Dynamic splitting 
tensile strength 

(f’t,d) 
TDIF 

20 ℃ 

20.99 15.02 2.00 
21.39 15.01 2.00 
24.79 15.43 2.06 
25.24 17.34 2.31 
39.89 17.06 2.27 
40.63 17.36 2.31 
42.71 19.39 2.59 
42.82 19.29 2.57 
60.02 19.63 2.62 
60.84 18.14 2.42 
61.68 18.65 2.49 
63.22 19.05 2.54 
76.20 19.42 2.59 
77.38 18.28 2.44 
81.32 20.74 2.77 

-70 ℃ 

19.89 22.52 2.22 
24.51 24.71 2.44 
40.11 25.98 2.57 
41.98 21.85 2.16 
59.99 30.86 3.05 
60.40 26.42 2.61 
77.61 29.15 2.88 
81.38 32.91 3.25 

-160 ℃ 

23.29 30.51 2.71 
42.33 32.02 2.85 
46.58 32.63 2.90 
64.34 35.52 3.16 
80.48 40.22 3.58 
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Appendix K. Compressive SHPB test results of CUHPC after cryogenic 

FT cycles. 

Temperature 
range NO. FT 

Static 
strength 
(MPa) 

Strain rate 
(s-1) 

Dynamic 
compressive 

strength 
(MPa) 

DIF 

-160~20 ℃ 

0 

161.46 78.86 212.41 1.32 
 80.84 215.95 1.34 
 134.13 250.03 1.55 
  177.67 252.32 1.56 

2 

159.6 81.90 210.69 1.32 
 85.22 213.44 1.34 
 131.14 241.87 1.52 
 132.78 243.55 1.53 
 179.26 256.84 1.61 
  181.72 262.31 1.64 

4 

155.72 86.76 223.40 1.43 
 97.20 235.87 1.51 
 125.66 232.33 1.49 
 131.72 233.48 1.50 
 171.48 248.37 1.60 
  180.81 260.04 1.67 

8 

151.51 82.99 215.97 1.43 
 80.95 221.37 1.46 
 130.31 229.46 1.51 
 155.50 243.52 1.61 
 163.17 258.33 1.71 
  193.61 273.45 1.80 
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Appendix L. Dynamic compressive SHPB test results of GUHPC at 20, 

-70 and -160 ℃. 

Temperature 
(℃) 

Static 
strength 
(MPa) 

Strain rate 
(s-1) 

Dynamic 
compressive 

strength 
(MPa) 

CDIF 

20  139.08 38.74 160.99 1.16 
 42.57 160.18 1.15 
 43.59 162.19 1.17 
 43.78 158.62 1.14 
 76.02 167.18 1.20 
 77.50 172.99 1.24 
 80.73 172.60 1.24 
 86.44 174.19 1.25 
 91.46 180.69 1.30 
 97.37 183.00 1.32 
 100.60 187.08 1.35 
 118.60 185.15 1.33 
 120.14 187.87 1.35 
 138.77 185.87 1.34 
 141.53 189.52 1.36 
 156.57 185.86 1.34 
 160.41 192.67 1.39 
  166.49 194.04 1.40 

-70  143.12 40.04 177.80 1.24 
 45.22 190.05 1.33 
 79.15 192.88 1.35 
 80.26 205.61 1.44 
 82.70 201.67 1.41 
 109.65 202.95 1.42 
 115.75 196.00 1.37 
 122.66 209.85 1.47 
 124.50 212.52 1.48 
 139.48 215.65 1.51 
 161.20 221.49 1.55 
  167.60 226.49 1.58 

-160  145.84 38.05 201.22 1.38 
 44.67 204.34 1.40 
 81.87 211.22 1.45 
 83.77 214.07 1.47 
 116.80 226.87 1.56 
 121.65 232.90 1.60 
 150.02 231.43 1.59 
  160.30 245.91 1.69 
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Appendix M. Dynamic tension SHPB test results of GUHPC at 20, -70 

and -160 ℃. 

Temperature 
(℃) 

Static strength 
(MPa) 

Strain rate 
(s-1) 

Dynamic splitting 
tensile strength 

(MPa) 
TDIF 

20  12.40 20.11 21.69 1.75 
 20.75 20.31 1.64 
 23.19 24.11 1.94 
 24.83 23.24 1.87 
 38.08 25.72 2.07 
 39.21 24.45 1.97 
 42.60 24.32 1.96 
 51.16 26.38 2.13 
 51.28 26.00 2.10 
 59.24 28.83 2.33 
 60.36 24.47 1.97 
 60.66 27.60 2.23 
 75.71 27.36 2.21 
 78.12 31.58 2.55 
 82.47 28.91 2.33 
 82.66 30.41 2.45 
  85.73 32.33 2.61 

-70  14.74 21.18 28.26 2.28  
 22.29 28.92 2.33  
 43.42 32.81 2.65  
 45.78 30.23 2.44  
 63.52 33.15 2.67  
 64.07 31.71 2.56  
 71.27 36.86 2.97  
 73.94 33.84 2.73  
 78.37 37.02 2.99 

    81.28 36.27 2.93 
-160  18.60 19.14 34.38 2.77 

 36.17 35.61 2.87 
 41.83 36.00 2.90 
 56.84 38.24 3.08 
 63.14 36.59 2.95 
 66.87 38.24 3.08 
 79.12 40.20 3.24 

  81.97 42.50 3.43 
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